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ABSTRACT

In continuous casting of steel, it is very important to quantify the pressure distribution and flow rate in

the metal delivery system, which starts from the tundish, then into the Upper Tundish Nozzel (UTN),

Submerged Entry Nozzle (SEN), and finally to the mold. It is, also, crucial to understand the effect of

turbulent flow on thermo-mechanical characteristics of the solidifying shell inside the mold, since both can

directly affect the quality of the final product.

To that end, two MATLAB-based state-of-the-art one-dimensional pressure energy models are

developed and applied in this work to calculate pressure distribution and flow rate in slide-gate, PFSG, and

stopper-rod nozzle systems, PFSR, for argon-molten steel flow systems by solving a 1D system of Bernoulli

equations which can be used in commercial steel casters and water models. Both models are validated and

verified with experimental plant measurements and computational fluid dynamics simulations with errors

of less than 8 pct. Additionally, PFSG is used to investigate the effect of different casting conditions on the

flow rate and pressure distribution. It is shown that increasing some casting conditions such as tundish

height and nozzle bore diameter can decrease minimum pressure in the system, which in turn increases the

possibility of air aspiration. As for the PFSR, it is concluded that two more phenomena, cavitation and

non-primed flow, are needed to capture the real physics existing in the plant.

Finally, a transient thermo-mechanical model is developed to understand the strength of the turbulent

flow on the solidifying shell inside the mold in continuous casting of steel using ABAQUS. The model is

able to account for the superheat flux, which is the heat transfer across the interface near the solidification

front between the turbulent flowing liquid and the solidifying steel shell. The predictions of the model

include temperature distribution, shell growth, stress, and strain (including elastic, inelastic, thermal, and

fluid components) distribution for temperature-varying thermo-mechanical and composition-based

properties. It is, then, verified with existing models, CON1D and analytical solutions, and validated with

experiments. Ultimately, a case study is conducted to investigate the effect of the turbulent flow caused by

the asymmetric clogging inside one of the ports on the thermo-mechanical behavior of the solidifying shell

inside the mold. It is shown that the effect of mold heat flux is far more important than the superheat flux.
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CHAPTER 1

INTRODUCTION

This work is divided into three modeling chapters (3 through 5), preceded by this introduction and the

following background chapter (2), and succeeded by a summary and future work chapter (6). Chapter 2

generally deals with a brief background on the continuous casting process, relevant phenomena, and further

motivation for this research topic.

Chapter 3 provides a thorough description of the first model developed by the author and used in this

work including verification, validation, and parametric studies. This chapter includes the content of the

article published online by Metallurgical and Materials Transactions B Journal in March 2022. The journal

paper first introduces the model calculating pressure distribution and flow rate in slide-gate flow delivery

systems in continuous casting of steel. Afterward, it is validated against experimental flow rate and

pressure measurements for the different plant data. The measurements used in this work were taken at

ArcelorMittal, Baosteel, and POSCO steel companies and compiled by Dr. Tatha Bhattacharya, Dr.

Xiaoming Ruan, and Dr. Shin-Eon Kang, respectively. The model is, also, verified using CFD simulations

conducted by Mingyi Liang, Lipsa Das, and Dr. Seong-Mook Cho (all advised by Prof. Brian Thomas).

Finally, parametric studies are conducted to study the effect of different casting conditions on the flow rate

and pressure distribution.

Chapter 4 explores description of the second model developed by the author and used in this work

including its verification and validation. This chapter contains the content of the article to be submitted to

Metallurgical and Materials Transactions B Journal in July 2022. Similar to the previous chapter, a model

is introduced to calculate pressure distribution and flow rate in stopper-rod flow delivery systems in

continuous casting of steel. Additionally, it is validated against experimental flow rate and pressure

measurements for the different plant data. The measurements used in this work were taken at

ArcelorMittal and TATA steel companies as well as at Colorado School of Mines water model and were

given to the author by Mingyi Liang, Dr. Rui Liu, Dirk van der Plas, and Dustin Salley. The model is

verified using CFD simulations conducted by Mingyi Liang and Dr. Rui Liu.

Chapter 5 addresses the third model developed by the author, dealing with the thermo-mechanical

behavior of the solidifying shell inside the mold in continuous casting of steel, containing the content of the

article to be submitted to Journal of Materials Processing Technology in July 2022. In this chapter, a

transient model is developed, which is able to include the effect of low and high-velocity jet of the

turbulent flow on thermo-mechanical behavior of solidifying shell inside the mold in the continuous casting
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of steel. After developing the model, it is verified with CON1D and the existing analytical solutions of

thermo-mechanical behavior of solidifying shell, and validated by plant experiments. Finally, a case study

is conducted to investigate the effect of the turbulent flow passing through both clogged and non-clogged

ports on the thermo-mechanical behavior of the solidifying shell inside the mold. The plant experiments of

asymmetrical clogging used in this chapter were conducted at POSCO and include the mold heat flux

measurements. Then, a calibration study was conducted using CON1D by Dr. Seong-Mook Cho to

calculate the corresponding cold and hot heat fluxes that match with the measurements of the plant. Using

this information, and applying CFD (done in ANSYS Fluent), Dr. Seong-Mook Cho calculated the

superheat flux which is the heat transfer across the interface near the solidification front between the

turbulent flowing liquid and the solidifying steel shell. Both clogged and non-clogged hot mold heat flux

and superheat flux were input to the thermo-mechanical model.

The three models developed in this work are connected as follows: Chapters 3 and 4 provide tools to

predict the effect of different casting conditions (as well as possible clogging) on pressure and flow, and

Chapter 5 shows the effect of the flow, caused by the extreme case of clogging, on thermo-mechanical

behavior of the solidifying shell inside the mold.

Finally, Chapter 6 provides a summary and conclusions of the thesis as well as the future work and

improvements to existing models.
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CHAPTER 2

RESEARCH BACKGROUND

In this chapter, an introduction to continuous casting of steel and its associated phenomena as well as

the project objectives and the structure of each chapter are discussed.

2.1 Continuous Casting of Steel

Continuous casting of steel is the most popular way of steel mass production in steel industry. In fact,

most of the steel produced in the US (96%) and the world (95%) is made by continuous casting [1]. In the

continuous casting as shown in Figure 2.1, steel from the ladle flows through the tundish, exits to the

Upper Tundish Nozzle (UTN), goes down through a ceramic Submerged Entry Nozzle (SEN), and through

the ports flows into the mold. Inside the mold, the steel freezes against the water-cooled copper walls to

form a thin solid shell which is continuously withdrawn from the bottom of the mold at a fixed casting

speed after which it is quenched down using cool water spray until it is completely solidified and cut to

slabs at the end of the process.

Figure 2.1 Schematic of continuous casting of steel [2].
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According to Figure 2.2, the flow inside the nozzle is gravity driven. The flow rate is also controlled by

one of two different controlling mechanisms. It is restricted by either a slide-gate in which a sliding plate

connecting the UTN to SEN moves, Figure 2.2(a), or is controlled by the vertical displacement of a rod

extending from the bottom of the tundish floor up to the UTN, Figure 2.2(b).

Figure 2.2 Two controlling system in continuous casting of steel (a) slide-gate (b) stopper-rod.

2.2 Clogging

One of the important functions of SEN is protecting the molten steel against air exposure and the

further re-oxidation leading to inclusion formation. In spite that, it is always possible the air is sucked into

the system by air aspiration [3]. If the pressure decreases to the values lower than atmospheric pressure

through the porous refractory, cracks, joints, or possible leakage, it might cause the formation of the build

up called clogging [3–6]. The susceptible location through which air aspiration might happen are near

joints and/or cracks, the entrance of UTN, or the top of the port outlet [3–5]. The clogging specifically can

alter the geometry of the nozzle walls through the reaction of oxygen and nitrogen with the dissolved alloy

elements in molten steel and forming inclusions adhered to nozzle wall. It can also change the flow pattern,
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especially inside mold causing level fluctuation, slag entrapment, hooks, and shell thinning [7]. More

specifically clogging in the port can lead to lower surface velocity, causing the temperature decrease which

ultimately can cause the meniscus to freeze [8] or excessive surface velocity, causing level fluctuations and

slag entrainment. Furthermore, it is important to note that flow while passing through clogging experience

sudden contraction and expansion which is related to the geometry of the clogging [3]. This intensifies the

importance of the clogging shape, meaning that even if the clogging shape is changed very little, it takes

longer for the flow control system to adjust itself, during which the clogging also has changed and the

control system has failed to adjust itself further [3]. This means that the flow control system lags behind

the flow rate changes, resulting in flow rate variations which cause transient level fluctuations in the mold

without the control system is able to adjust the opening to keep it fixed. Also, clogging could make the

control system sticker (not move smoothly), which is more important in slide-gate control system rather

than stopper-rod. Additionally, it is very important to know that clogging could be detrimental to the

system maintenance, since it increases the frequency of the nozzle change [6, 9]. Finally, it can cause even

larger particle formation leading to lower quality product by being entrapped in the final steel as inclusion

defects [10–12].

2.3 Solutions to Clogging

There are a couple of ways to reduce the possibility of clogging formation in the system such as

modifying the nozzle geometry by improving joint sealing [13], using oversized nozzle bores to enable longer

casting even while clogging builds up on the nozzle walls [14, 15], or nozzle with varying diameter [16, 17],

or employing calcium treatment to reduce alumina-type clogging [18–22]. Last but not least and probably

the most common practice is to add argon into the system through stopper-rod tip, UTN, or other places

inside the nozzle to be aspired instead of air and reduce clogging which is discussed elsewhere [3, 4, 6]. All

of these ways to mitigate clogging also have a strong effect themselves on the flow and pressure. Therefore,

it is of high importance to quantify the pressure distribution, specifically the minimum pressure, and the

system flow rate to predict when and where the clogging happens to avoid it. Also, it is very crucial to

know what happens to the solidifying shell when clogging happens in the system especially in the port.

2.4 Project Objectives

According to what is introduced above, the objectives of this thesis are as follows:

• Develop, verify, and validate simple models/computer programs to calculate pressure distribution and

flow rate in slide-gate control system, PFSG, and stopper-rod control system, PFSR (discussed in

chapters 3 and 4).
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• Develop, verify, and validate a model to calculate the effect of superheat flux for a real steel alloy,

including properties that depend on temperature and composition, on thermo-mechanical behavior of

solidifying shell inside the mold (discussed in chapter 5).

• Finally, apply these models to investigate the effect of different casting conditions and clogging on

pressure distribution and flow rate in metal delivery systems, and thermo-mechanical behavior of

solidifying shell inside a mold (discussed in chapters 3, 4, and 5).
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CHAPTER 3

PRESSURE DISTRIBUTION AND FLOW RATE BEHAVIOR IN CONTINUOUS-CASTING

SLIDE-GATE SYSTEMS: PFSG

Modified from a paper published in The Journal of Metallurgical and Materials Transactions B1.

Hamed Olia2,3, Hyunjin Yang4,5, Seong-Mook Cho6,5,Mingyi Liang2,5,Lipsa Das2,5, B. G. Thomas7,8

Quantifying the pressure distribution and flow rate in the metal delivery system from the tundish to the

mold is important to understand nozzle clogging due to air aspiration, argon bubble size, and other

important phenomena in continuous casting of steel. A one-dimensional pressure energy model, PFSG, is

presented here to calculate pressure distribution and flow rate in slide-gate nozzle systems for argon-molten

steel flow systems including argon gas expansion by solving a system of Bernoulli equations. PFSG is a

user-friendly MATLAB-based software package with an intuitive Graphical User Interface capable of

inverse solutions that enables users to conduct parametric studies in seconds. The model predictions are

verified with computational fluid dynamics simulations and validated with plant measurements and water

model measurements, with errors of less than 6 pct. The verified and validated PFSG model is then

applied to investigate the effect of different casting conditions on the flow rate and pressure distribution.

For a given slide gate opening, the flow rate increases with increasing distance from the tundish level to the

mold level, increasing SEN diameter, and decreasing argon gas injection rate. The slide-gate opening

fraction that produces the minimum pressure is almost independent of casting conditions, except for SEN

bore diameter. This critical opening fraction, which is most detrimental for air aspiration, increases from

50 to 70 pct with increasing SEN diameter by 13 pct for the system studied. The minimum pressure

worsens (decreases) with increasing tundish height and/or nozzle bore diameter.

3.1 Introduction

Pressure distribution in continuous casting flow control systems from the tundish into the upper

tundish nozzle (UTN), past the slide-gate flow control, into the submerged entry nozzle (SEN), through the

ports and finally up to the top surface in the mold is important for many reasons. Firstly, it governs the

1Reprinted with permission of J. of Metallurgical and Materials Transactions B, 53, 1661–1680.
2Graduate student at the Colorado School of Mines
3Primary researcher and author
4Researcher in Process Metallurgy Department, SWERIM AB
5Author
6Assistant Professor at Department of Metallurgical Engineering, Pukyong National University
7Full Professor at the Colorado School of Mines
8Author for correspondence
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flow rate (and corresponding casting speed) in this gravity-driven process. Secondly, it is crucial to the

minimum pressure beneath the slide-gate, where air aspiration, re-oxidation, and nozzle clogging may occur

[3, 4]. When pressure inside the nozzle drops below atmospheric pressure, air may be drawn into the nozzle

through any cracks, leaks at joints, or permeable gas flow through the porous refractory. [3–5]. The oxygen

and nitrogen can react with dissolved alloy elements in the molten steel to form oxide and nitride

inclusions, which may adhere to the nozzle walls as clogging, or become entrained into the final product as

inclusion defects [6, 9].

Clogging may occur at different places inside the nozzle, depending on the formation mechanism

[3, 5, 6]. Air aspiration tends to cause clogging near joints or cracks in the refractory walls, while flow

separation leads to clogging due to exogenous inclusion buildup below the slide-gate and top of the port

outlets [3–5]. Clogging is detrimental because 1) it alters the effective nozzle geometry, decreasing the

cross-sectional area, thus requiring more frequent nozzle replacement [6, 9] 2) it agglomerates inclusions

into larger, more detrimental particles if the clog partially breaks away, and 3) it causes flow variations,

leading to more severe level fluctuations in the mold, and 4) it causes flow variations, leading to more severe

level fluctuations in the mold [7], which ultimately increases sliver defects in the final product [10–12].

For these reasons, it is beneficial to minimize pressure drops below atmospheric pressure inside the

nozzle. An alternative suggestion to reduce air aspiration is to surround the slide-gate with a vacuum

chamber [23], but this is not feasible in practice. A common commercial practice is to introduce argon into

the slide-gate region, in order to encourage the aspiration of argon instead of air or to actively inject argon

gas. Argon may act in several ways to lessen clogging, which are reviewed elsewhere. [3, 4, 6]. Finally, the

most important and least expensive method to minimize re-oxidation from pressure drops is to optimize

the nozzle geometry [9] according to the casting conditions, such as tundish height, casting speed,

slide-gate opening, and argon gas injection rate.

Only a few previous studies using validated models have been undertaken to understand the pressure

distribution in a slide-gate flow control system as a function of the system geometry and casting conditions.

These models employed a Bernoulli energy-balance approach [6, 24, 25], computational fluid dynamics

(CFD) models [26, 27] or a curve fit of polynomial functions [3]. The results indicated that the combined

effects of fluid control systems (slide-gate opening or stopper-rod opening), casting speed, nozzle geometry

(nozzle length and diameter), argon gas injection, tundish height (depth or level of molten steel inside

tundish) are required to calculate the pressure distribution as well as system flow rate. Bai et al. [3] found

that a near-vacuum situation might appear in the slide-gate region for small slide-gate opening. They

found that injection of argon gas can alleviate the negative pressure problem, and quantified how much

argon is needed for different nozzle diameters and casting conditions. For most conditions, the required
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argon is unfeasibly high.

Liu and Thomas proposed a 1D analytical model, based on the Bernoulli energy-balance approach, to

relate stopper-rod position and flow rate [25]. Their parametric studies quantify how system flow rate

changes with increasing clogging and eventually requires the to open further to maintain the flow rate.

Recently, Yang et al. [4] improved this analytical approach to quantify pressure distribution and flow rate

in slide-gate metal delivery system. Pressure distributions were shown for different SEN diameters for a

typical slab casting operation, assuming in-compressible flow. Decreasing SEN diameter was shown to

lessen the problem of negative pressure for a given casting speed and argon gas flow rate. Many previous

computational models of multi-phase flow in continuous casting of steel have been developed and applied to

investigate fluid flow in the nozzle [27, 28] and/or mold/strand [29–31], including the effect of argon gas

injection, which are reviewed elsewhere [32, 33]. The few that show pressure distributions

[3, 4, 26, 27, 34–36] confirm that pressure in the gap region in both slide-gate [3, 4, 27, 34–36] and

stopper-rod [26, 36] flow control systems can easily drop below atmospheric pressure. However, parametric

studies are limited and no previous model has considered the effect of compressibility of the argon gas on

flow and pressure inside the nozzle even though this effect has been shown to be very important in

closely-related systems [37, 38].

The present chapter introduces a new computationally-efficient modeling package for calculating

Pressure distribution and Flow rate within slide-gate flow delivery systems: PFSG. This software package

improves on the model developed by Yang et al. [4], and features a user-friendly Graphical User Interface

(GUI) with other enhancements, such as inverse-modeling capabilities, non-circular nozzle cross sections,

and clogging resistances which vary with location. PFSG also includes the effect of gas compressibility,

which varies the argon flow rate locally, due to pressure variations in the flow system. Parametric studies

are conducted with PFSG to investigate the combined effects of tundish height, SEN submergence depth,

casting speed, gas injection rate, and nozzle geometry on slide-gate opening, flow rate, and pressure

distribution in the nozzle.

3.2 Model Description

A new model based on the Bernoulli energy-balance approach, PFSG, has been developed to calculate

pressure distribution and flow rate in slide-gate flow-control systems for continuous casting of steel slabs.

The program features a user-friendly graphical interface and is already in use at several steel plants. The

PFSG model calculates flow and pressure, starting in the tundish, through the UTN, slide-gate plates,

SEN, and ending at the top surface level in the mold. Pressure is calculated at different points in the metal

delivery system as a function of geometry and process conditions, including the flow rate, slide-gate
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opening, argon gas injection rate, fluid density, UTN and SEN absolute roughness, and possible clogging.

The model equations are solved with MATLAB [39] and are presented in the next section, followed by a

description of the inputs and outputs.

3.2.1 Pressure-Energy Model Equations

The PFSG model solves a one-dimensional system of pressure-energy balance equations for fluid flow,

including kinetic energy, potential energy, and turbulent dissipation pressure/energy losses, based on a

Bernoulli approach [4]. General analytical expressions are obtained for the pressure/energy loss between 10

selected points distributed vertically in the slide-gate system ( Figure 3.1 in page 11), which follow the

main streamline of molten steel flow from the tundish top surface through the UTN, slide-gate, SEN, ports,

and to the mold level [4]. Pressure is calculated at each point in the system by:

Px =Px+1 + ρmghx+1 − ρmghx +
1

2
ρmV 2

x+1 −
1

2
ρmV 2

x +
∑

∆PL (3.1)

where Px is gauge pressure of point x [Pa],ρm is mixture fluid density [ kgm3 ], Vx is velocity at point x[ms ], hx

is the height associated with point x [m], and g is gravitational acceleration [9.81m
s2 ]. With this form of the

equation, the velocities must be calculated first from the system flow rate. Boundary conditions of 1 atm

pressure are applied at the top surfaces of the tundish and the mold level, Finally, the pressure energy loss

terms,
∑

∆PL , [Pa] are explained in section 3.2.3, and depend on the geometric details between each pair

of points.

Applying Equation 3.1 to the ten points in the continuous casting system shown in Figure 3.1 yields to

the following ten equations:

P1 =P2 − ρLgh1−2 (3.2)

P2 =P3 +
1

2
ρmV 2

UTNa +∆PL,tun +∆PL,two (3.3)

P3 =P4 − ρmgh3−4 −
1

2
ρmV 2

UTNa +
1

2
ρmV 2

p +∆PLf,3−4 +∆PL,UTN +∆PL,up (3.4)

P4 =P5 − ρmgh4−5 −
1

2
ρmV 2

p +
1

2
ρm(γVgap)

2 +∆PLf,4−5 +∆PC,sg +∆PL,sg +∆PL,gate1 (3.5)

P5 =P6 − ρmgh5−6 −
1

2
ρm(γVgap)

2 +
1

2
ρm(χV6)

2 +∆PLf,5−6 +∆PL,USEN +∆PL,gate2 +∆PL,P2 (3.6)
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P6 =P7 − ρmgh6−7 −
1

2
ρm(χV6)

2 +
1

2
ρmV 2

SEN +∆PLf,6−7 +∆PL,tap (3.7)

P7 =P8 − ρmgh7−8 +∆PLf,7−8 (3.8)

P8 =P9 −
1

2
ρmV 2

SEN +
1

2
ρmV 2

port +∆PL,port +∆PL,tee +∆PC,port (3.9)

P9 = ρLghsub (3.10)

P10 =Patm = 0 (3.11)

Figure 3.1 Example pressure distribution for all 10 points in a slide-gate metal delivery system (Nozzle 1
conditions).

Most of these equations are given by Yang et al.[4], but several terms include new improvements.
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3.2.2 Velocity and Area Calculations

Velocity at each point in the PFSG model, Vx, [
m
s ] is calculated from the system flow rate as follows:

Vx =
Q

Aeff,x
(3.12)

where Q is the liquid (water or steel) flow rate [m
3

s ], and Aeff,x is the effective area of the local cross

section [m2] considering air or argon gas injection, as discussed in the next section.

3.2.2.1 Effective Area Calculations

With no argon gas injection, Ax is the area of the cross section of the nozzle at any given point (x) in

the model [m2]. However, if argon gas is injected, then it will limit the effective area for molten steel flow

according to its volume fraction, αx, which varies with vertical position in the model system according to:

αx =1− Q

Qgas,x +Q
(3.13)

where Qgas,x is the flow rate of the “hot” (i.e. at molten steel temperature, Thot = 1823K) argon gas at

point x[m
3

s ] and is calculated as follows:

Qgas,x =SLPM × Patm

Patm + (Px+1+Px

2 )
× Thot

T∞
× 0.001

60
(3.14)

where SLPM is the flow rate of the “cold” (i.e. at ambient temperature T∞ = 298K) argon gas

injected in standard liters per minute, Patm is the standard (atmospheric) pressure 101 kPa, and Px+1 is

gauge pressure at point x+ 1[kPa] (previously calculated downstream pressure). Therefore, the effective

cross-section area for steel flow, Aeff,x, and the mixture density between two points are expressed as:

Aeff,x =Ax × (1− αx) (3.15)

ρm = ρL × (1− αx) (3.16)

where Ax is the cross-section area at point x, according to the nozzle geometry [m2] and ρL is liquid

density x [ kgm3 ].

For the UTN entry, UTN exit, upper plate, middle plate, and lower plate, the cross section is

considered to be circular, which can be calculated as follows:

Ax =
π

4
D2

x (3.17)
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where Dx is the diameter of that portion of the nozzle, x [m]. At other vertical locations down the

nozzle system, the area and perimeter are required inputs to define the geometry for more generality, and

are used to calculate the equivalent hydraulic diameter, Dh,x, [m] as follows:

Dh,x =
4Ax

px
(3.18)

where px is the perimeter of portion x [m]. Furthermore, for a bifurcated port, if the port area is

greater than half of the SEN area, it is set back down to half of the SEN area, because the jet exiting the

port cannot expand fast enough to change its area significantly, so the rest of the area, in the upper port,

typically has negligible net outward flow [3, 4].

3.2.2.2 Gap Area Calculation

The minimum cross-section area of the gap formed in the slide-gate region, Agap, [m
2] is calculated as

follows [40]:

Agap =R2
1 arccos(

R2
1 −R2

2 + d2

2R1d
) +R2

2 arccos(
R2

2 −R2
1 + d2

2R2d
)− d

√
4R2

1d
2 − (R2

1 −R2
2 + d2)2

4d2
(3.19)

In which:

D =min(Dslide, Dp) (3.20)

d =
Dslide +Dp

2
−DfL (3.21)

R1 =
max(Dslide, Dp)

2
(3.22)

R2 =
min(Dslide, Dp)

2
(3.23)

where Dslide is the diameter of the sliding middle plate hole, Dp is the diameter of the lower/upper

fixed plates of the slide-gate in [m], and fL is the linear slide-gate opening fraction. Note that the lower

and upper plates are assumed to have the same diameter.

3.2.3 Pressure Losses

The PFSG model incorporates pressure loss terms,
∑

∆PL in Equation 3.1, between each pair of points

in the system in Figure 3.1.
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3.2.3.1 Tundish Liquid Level to Tundish Floor (Points 1 to 2)

The top of the liquid level in the tundish is at atmospheric pressure, so P1 is zero gauge pressure. This

is the top boundary condition for the 1-D model. Between point 1 and the tundish floor exit to UTN

(point 2) velocity is negligible and there are no pressure losses, so Equation 3.1 simplifies to the potential

energy term for the classic hydrostatic pressure gain:

P2 = ρLg(h1 − h2) (3.24)

This equation is also used between points 9 and 10, by replacing (h1 − h2) with (h9 − h10). Similarly,

the liquid level in the mold is at atmospheric pressure which defines the bottom boundary condition of the

model (P10 = 0).

3.2.3.2 Tundish Floor to UTN Region (Points 2 to 3)

When flow exits the tundish bottom into the UTN, it experiences a sudden contraction in area which

causes a pressure loss that depends on the decrease in area, PL,tun, [Pa] and is expressed as [41]:

∆PL,tun =
1

2
ρmV 2

UTNr(0.42(1−
n×AUTNr

Atun
)) (3.25)

where VUTNr is fluid velocity just before UTN entry [m/s], AUTNr is upper UTN surface area [m2] in

contact with tundish floor with curvature radius of r[m], Atun is area of the tundish bottom [m2], and n is

the number of nozzles where flow exits the tundish bottom.

Additionally, ∆PL,two is considered to account for the pressure drop caused by possible argon gas

injection [4]:

∆PL,two =
1

2
ρmV 2

UTNaT (3.26)

Where VUTNa is fluid velocity at UTN entry [ms ]. The pressure loss caused by the argon gas injection,

T , is calculated based on the argon gas volume needed to be displaced to overcome the buoyancy effect,

V olgas, in order to account for argon flow inside the nozzle. This constant is calculated as:

T =
2gV olgas

AUTNa(V 2
UTNa)

(3.27)

where AUTNa is the area of the UTN inlet, and V olgas is defined as:

V olgas =
∑

V olxαx (3.28)
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where V olx is the volume of the specific nozzle region (for example UTN). It should be noted that if

argon gas is injected into the UTN, then all of the argon volume and gas fraction from the UTN up to the

end of the lower SEN must be calculated and summed together to find V olx.

3.2.3.3 UTN Region (Points 3 to 4)

In this potentially tapered region, there are three pressure losses to sum between the top of the UTN

and the upper plate at the bottom of the UTN, points 3 and 4: ∆PLf,3−4, ∆PL,UTN , and ∆PL,up. The

first, ∆PLf,3−4, is the pressure loss due to wall friction [Pa]:

∆PLf,3−4 =
1

8
ρmfUTN [V 2

UTNaLUTN
(DUTNa +DUTNb)(D

2
UTNa +D2

UTNb)

D4
UTNb

+

V 2
UTNbLup

(Dslide +Dp)(D
2
slide +D2

p)

D4
slide

]

(3.29)

where fUTN is the friction factor [41] in the UTN region, LUTN and Lup are the UTN length and thickness

of the upper plate [m], DUTNa and DUTNb are the UTN diameters at top and bottom [m], VUTNa and

VUTNb are the corresponding flow velocities at UTN entry and exit [ms ]. A derivation for this equation for

tapered pipes is provided in Appendix A.

The second pressure loss inside the UTN, ∆PL,UTN , is the pressure loss due to gradual contraction or

expansion [42] in the tapered UTN region [Pa], and is defined as follows, according to the UTN taper:

If DUTNa < DUTNb (gradual expansion)

∆PL,UTN =
1

4
ρmV 2

UTNa(2.6 sin(
θ

2
))(1− AUTNa

AUTNb
)2 0 < θ <

π

4
(3.30)

∆PL,UTN =
1

4
ρmV 2

UTNa(1−
AUTNa

AUTNb
)2

π

4
< θ <

π

2
(3.31)

If DUTNa ≥ DUTNb (gradual contraction)

∆PL,UTN =
1

4
ρmV 2

UTNb(1.6 sin(
θ

2
))(1− AUTNb

AUTNa
) 0 < θ <

π

4
(3.32)

∆PL,UTN =
1

4
ρmV 2

UTNb

√
sin(

θ

2
)(1− AUTNb

AUTNa
)

π

4
< θ <

π

2
(3.33)

where θ = 2arctan|DUTNa−DUTNb

2LUTN
| [rad] and AUTNa and AUTNb are the corresponding area at UTN

entry and exit [m2].

The third pressure loss in the UTN, ∆PL,up, is due to sudden contraction or expansion [41] upon exit

from the UTN into the upper plate [Pa], which may have different diameters:
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If DUTNb < Dp (sudden expansion)

∆PL,up =
1

2
ρmV 2

UTNb(1−
AUTNb

Ap
)2 (3.34)

If DUTNb ≥ Dp (sudden contraction)

∆PL,up =
1

2
ρmV 2

p [0.42(1−
Ap

AUTNb
)] (3.35)

where Vp is fluid velocity at the upper plate in [ms ].

3.2.3.4 Slide-gate Region (Points 4 to 5)

In flowing through the slide-gate, between points 4 and 5, four important pressure losses are considered,

∆PLf,4−5
, ∆PC,sg, ∆PL,sg, and ∆PLgate1 . The first, ∆PLf,4−5

, is the wall friction [Pa], which is very small,

but is included for completeness:

∆PLf,4−5
=

1

8
ρmfUTNV 2

p h4−5

(Dslide +Dp)(D
2
slide +D2

p)

D4
slide

(3.36)

where fUTN is the friction factor in the UTN, h4−5 the height difference between points 4 and 5 [m], Dp

the diameter of the upper and lower plates [m], which are assumed to match, Vp is the flow velocity

through the upper/lower plates [m/s].

The second pressure loss in the slide-gate, ∆PC,sg, is due to clogging as is treated as a pressure loss in

the form of a kinetic energy change as follows:

∆PC,sg =
1

2
ρmCsgV

2
p (3.37)

where Csg is the clogging coefficient of the slide-gate which can be input (settings menu in Figure 3.2)

or left blank, (to default to 0 for no clogging).

The third pressure loss in the slide-gate, ∆PL,sg, is due to restriction of the flow [Pa] [4]:

∆PL,sg =
1

2
ζρmV 2

p (
Ap

νAgap
)2 (3.38)

where ν is an empirical coefficient which is defined as [43]:

ν =0.63 + 0.37(
Agap

Asg
)3 (3.39)

where ζ is a slide-gate pressure loss constant (introduced here to adjust the pressure drop due to flow

passing through the slide-gate), Agap area of gap [m2], and Asg area of slide-gate [m2]. Although it is
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recommended to keep ζ equal to 1, this coefficient can be changed to calibrate the model if there are

experimental measurements that the calculated pressure distribution by PFSG with ζ = 1 does not match.

To facilitate calibration, the user can leave the value of ζ blank in the Settings menu and let the

inverse-modeling capability of PFSG calculate the value needed to match a given set of geometry and

casting conditions.

Finally, the fourth pressure loss in the slide-gate, ∆PL,gate1, is due to sudden contraction or expansion

at the transition between the lower part of the upper plate and the slide-gate middle-plate circular opening

hole [Pa], and depends on the velocity of fluid in the gap as well as slide-gate opening circular area. For a

sudden expansion, the expression is the same as Equation 3.34, changing VUTNb to γVgap, where γ is a

velocity correction factor due to turbulent flow in the slide-gate region, as explained elsewhere [4] and Vgap

is the velocity in the gap in [ms ]. Also, AUTNb is replaced with Ap (slide-gate middle plate hole area [m2]),

and Ap is changed to Asg (lower/upper plate area [m2]). For a sudden contraction, the expression is 3.35,

replacing Vp with γVgap, Ap with Asg and AUTNb with Ap.

3.2.3.5 Slide-gate to Upper SEN Region (Points 5 to 6)

In this potentially tapered region, four pressure loss terms are considered due to different geometry. The

first term, ∆PLf,5−6, wall friction [Pa], is between points 5 and 6, and is similar to Equation 3.29 replacing

γVgap with VUTNa and VUTNb with χVgap (χ is the correction factor of velocity due to turbulent flow in

slide-gate region, as explained elsewhere [4]). Additionally, LUp and LUTN are changed to LUSEN (upper

SEN length [m]), and Llp (lower plate length [m]), respectively. Also, DUTNa, DUTNb, Dslide, and Dp are

replaced with Dslide , DUSENa (upper SEN entry diameter [m]), and DUSENb (upper SEN exit diameter

[m]), respectively. Finally, fUTN is replaced with fSEN (SEN region wall friction factor). In addition to

wall friction, there are three more pressure loss terms between points 5 and 6 in the slide-gate region.

The next term, ∆PL,USEN , is pressure loss due to gradual contraction or expansion in the upper SEN

region [Pa]. For gradual expansion, the expression is the same as Equation 3.30 or Equation 3.31 changing

VUTNa to γVgap and replacing AUTNa with AUSENa (upper SEN entry area [m2]), and AUTNb with

AUSENb (upper SEN exit area [m2]). In case of gradual contraction, the expression is the same as

Equation 3.32 or Equation 3.33 changing VUTNb to χVgap. Also, AUTNa is replaced with AUSENa and

AUTNb with AUSENb.

Next, ∆PL,gate2, pressure loss due to sudden cross section change between upper part of lower plate and

slide-gate plate [Pa]. For a sudden expansion, the expression is the same as Equation 3.34, changing

VUTNb to χVgap. As for the area, AUTNb is replaced with Asg. In case of sudden contraction, the

expression is the same as Equation 3.35, changing Vp to χVgap, and AUTNb is replaced with Asg.
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Finally, ∆PL,P2 , pressure loss due to gradual contraction or expansion at transition between lower plate

and upper SEN region [Pa], The expression is the same as Equation 3.30 or Equation 3.31, in case of

whether the gradual expansion, or similar to Equation 3.32 or Equation 3.33 for the gradual contraction,

with appropriate changes in velocity. For gradual expansion changing VUTNb is changed to Vp (fluid

velocity in lower/upper plate slide-gate region [ms ]), and AUTNa is replaced with AUSENa, and AUTNa

with Ap. In case of gradual contraction, VUTNb changed to VUSENa (fluid velocity in upper SEN region

[ms ]) and AUTNa replaced with Ap and AUTNb changed to AUSENa.

3.2.3.6 Lower SEN Tapered Region (Points 6 to 7)

Two pressure loss terms are present in this region. ∆PLf,6−7 is the wall friction between points 6 and 7

[Pa], similar to Equation 3.36 with appropriate changes in velocity, Vp to VUSENb [ms ]), and replacing h4−5

with h6−7 (tapered SEN length [m]). Additionally, Dslide, and Dp are changed to DUSENa (upper SEN

entry diameter [m]) and DUSENb (upper SEN exit diameter [m]). Finally, fUTN is replaced with fSEN

(SEN region wall friction factor).

Secondly, there is a pressure loss caused by possible taper in the tapered region of the lower SEN,

∆PL,tap which is the same as 3.30 and Equation 3.31 or Equation 3.32 and Equation 3.33 with appropriate

changes in velocity, VUTNb to χVgap or VUTNa to VSEN (in case of gradual contraction or expansion,

respectively). For gradual expansion, AUTNb is replaced with ASEN as SEN exit area [m2], and AUTNa

with AUSENb. In case of gradual contraction, AUTNa is replaced with AUSENb and AUTNb with ASEN .

3.2.3.7 Lower SEN To Port Region (Points 7 to 8)

Assuming that the lower SEN is straight below the potentially-tapered region, the only pressure loss

term between points 7 and 8 is due to wall friction [41]:

∆PL,f7−8 =
1

2
ρmfSENV 2

SEN

h7−8

DSEN
(3.40)

where ∆PL,f7−8 is the pressure loss due to wall friction [Pa], fSEN is the SEN wall friction factor, VSEN

liquid velocity at lower SEN region [ms ], h7−8 in the height difference between points 7 and 8 [m], and

fSEN is the friction factor in the SEN region. Note that a beaver tail nozzle, often used in thin-slab

casting, can be simulated with a long tapered upper SEN and a short lower SEN (between points 7 and 8)

with larger diameter.
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3.2.3.8 Port Region (Points 8 to 9)

In the port region, between points 8 and 9, there are three pressure loss terms: ∆PL,port, ∆PL,tee, and

∆PC,port. The first pressure loss, ∆PL,port, is due to sudden contraction between the lower SEN and the

port [Pa], and is defined as [4]:

∆PL,port =
1

2
ρmV 2

SEN (1− ASEN

2Aport
)2 ASEN > 2Aport (3.41)

∆PL,port =0 ASEN ≤ 2Aport (3.42)

where ASEN is lower SEN area [m2], and Aport is port cross-section area [m2].

The second pressure drop is due to the change of flow direction [4] [Pa], and is defined as:

∆PL,tee =
1

2
ρmKV 2

SEN (3.43)

where K is the port loss constant, which can be input in the Settings menu, and defaults to 0.2 [4].

The third pressure loss in the port region is due to clogging:

∆PC,port =
1

2
ρmCportV

2
port (3.44)

where Vport is fluid velocity through the port [ms ], and Cport is the port clogging constant, which can be

input (in the Settings menu) or left blank (to default to 1).

3.2.4 Incorporation of Clogging

As shown in Figure 3.2, possible clogging can be defined at several different places. For the slide-gate

and port regions, a clogging coefficient is considered (Equations 3.44 and 3.37). However, for other portions

(tundish floor opening, UTN, lower/upper plate, upper SEN, tapered SEN, and lower SEN), clogging is

given in terms of a specified reduction in the diameter of that nozzle portion. For example, if the original

diameter of UTN is as 80 mm, 1 mm of clogging, (C=1mm), would reduce the diameter to 80-2 = 78 mm:

DC,UTN =DUTN ± 2CUTN (3.45)

Additionally, for portions where the user inputs the area and perimeter, first the equivalent ellipse is

constructed with major and minor axes calculated as follows:

2a =4A

√
1

P 2 −
√
P 4 − 16π2A2

(3.46)
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2b =
2A

πa
(3.47)

where 2a, 2b, A, and P are major axis, minor axis, area, and simplified perimeter of the portion,

respectively [44].

Then, the amount of clogging is subtracted (for positive clogging) or added (for negative clogging) to

the equivalent major and minor axis, according to Equation 3.45. Next, the clogged area, Ac, and

perimeter, Pc, of the ellipse is calculated from the new major and minor axis lengths:

Ac =πacbc (3.48)

Pc =2π

√
a2c + b2c

2
(3.49)

Finally, the equivalent hydraulic diameter for further calculations is obtained by the following:

DH,c =
4Ac

Pc
(3.50)

It is important to note that the new model can accurately simulate the effects of any of the different

types of clogging (such as aspiration, inclusion deposit, steel solidification skulling, etc.) on flow rate and

pressure inside the nozzle flow-control system, so long as the shape and location of the clog is known.

Although the effects of any clog type can be calculated, however, the focus of the PFSG model and the

work done by Yang et al.[4] is on the aspiration-type clogging. These models can even quantify the

aspiration rate for such clogging [4]. The prediction of other types of clogging is beyond the capability of

the current model, but is certainly worthy of investigation in future work.

3.2.5 Slide-gate Opening Definitions/Relations

Four different popular definitions of the slide-gate opening, shown in Figure 3.4, are considered in the

PFSG modeling package. Note that in PFSG, the lower and upper plate diameter are considered equal,

Dp, and also match the, DUSENa, while the hole in the middle plate, Dslide, can be smaller.

3.2.5.1 Linear Slide-gate Opening

The linear slide-gate opening, fL, is defined as:

fL =
L

Dslide
(3.51)
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where Dslide is the middle-plate hole diameter [m] and L is the gap opening length [m], ( Figure 3.4(b)). It

ranges from zero (closed), when L = 0, to 100 pct (fully open), when L = Dslide. For any position, the gap

opening distance L is the maximum distance from the left side of the nozzle bore (lower/upper plate hole

diameter) to the right side of the circular opening in the sliding gate plate. Note if the middle plate hole is

smaller than the nozzle bore then there is still some flow restriction even when the slide-gate is 100 pct

open.

3.2.5.2 Plant (Offset) Linear Opening Fraction

The plant slide-gate opening, fp, is defined [3] by specifying the distance E[m] and the distance to the

reference line, Emax[m], which is offset (relative to fL) from the left side of the nozzle bore by the distance

(Emax −DUSENa), and is expressed as:

fp =
E

Emax
(3.52)

This common situation occurs when the reference line for E = 0 does not match with the left edge of

the nozzle bore diameter (shown in Figure 3.4). For this situation of an offset, the gap opening ranges from

zero (when E = EmaxDUSENa) to fully open (when E = Emax).

3.2.5.3 Area Fraction

The area-based gate opening, fA, is defined by:

fA =
Agap

ABore
(3.53)

where Agap is the area of the gap opening (black shaded region in Figure 3.4(b)) in [m2] and ABore is the

area of the lower plate hole [m2].

3.2.5.4 Center To Center Distance

Another way to define the slide-gate opening used in some plants is Center-to-Center distance,

CTC[m]. This measure of opening is simply the distance between the two center lines of the nozzle bore

(lower plate opening) and the slide-gate opening. A given CTC value can be converted to fL as follows:

fL =
Dslide+Dp

2 − CTC

Dslide
(3.54)
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3.2.5.5 Implementation

The user typically inputs fL and Emax, and PFSG then outputs all of the results, including those based

on the second and third definitions, fp and fA. In case fL is left blank and both E and Emax are also

unknown, PFSG first calculates fL based on the rest of the casting conditions. Then assuming

Emax = DUSENa , (no offset), PFSG calculates E according to Equation 3.56. Alternatively, if fL is left

blank and both E and Emax are input, then PFSG calculates fp and uses it to find and output fL

(Equation 3.56). If fp is input and either E or Emax are left blank, then PFSG outputs the missing value

(E or Emax) in addition to fL. If both E and Emax are missing, then fp is assumed equal to fL(
Dslide

DUSENa
),

meaning E = L and Emax = DUSENa and there is no offset. The relationship between fp and fL is:

fp =
fLD

Emax
+

Offset

Emax
(3.55)

Where the offset distance is related to E, fL, D, Emax, and DUSENa as follows:

Offset = E − fLD = Emax −DUSENa (3.56)

D =min(Dslide, DUSENa) (3.57)

The plant offset method with fp is useful for model calibration, if there is uncertainty regarding the

location of the reference line in the plant relative to the edge of the nozzle bore. Note that the user can

input linear opening distance (instead of linear opening fraction), as a special case of fp simply by setting

Emax to Dp, and inputting E, which will then become the same as L. Beware that one of E, Emax, and fL

must be left blank, or the gap opening is over constrained and the program will give an error message if the

3 inputs are not compatible.

3.2.6 Model Solution Procedure

The 10 pressure energy equations [4], Equation 3.1, are solved simultaneously, in a fully-coupled

manner, for the user-specified unknowns using the implicit FSOLVE subroutine in MATLAB [39].

FSOLVE uses, as default, Dogleg method for solution in which the maximum number of iterations and

function evaluations allowed are 400 and 100, respectively [39]. Also, the termination tolerance for the

function value and the termination tolerance for x (unknown) is set to be 10−32. This equation solver aims

to ensure the error in the total energy balance is as close as possible to zero. The error is the difference

between pressure at point 2 (bottom of the tundish) and the hydrostatic pressure calculated at the tundish

bottom, which is the maximum pressure in the system. This difference is equal to pressure at point 1

(molten steel surface in tundish). The associated error, F1, is defined then as:
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F1 = P2 − ρLgh1−2 (3.58)

Therefore, FSOLVE iterates to ensure the pressure at point 1 to be as close as possible to zero gauge

pressure. After convergence, the solution error is only about 10−12 kJ
m3 (10−10pct). The entire model runs in

less than 10 s on a personal computer and typical converges to within 10−3 kJ
m3 error in energy balance.

Finally, if the user specifies all inputs, then the model simply solves for the error in the energy balance,

which does not require iteration with FSOLVE, and runs in only a few seconds.

3.2.7 PFSG Inputs and Outputs

Input data for the PFSG model includes the nozzle geometry (dimensions) and casting conditions.

Several examples for cases studied in this chapter are given in Table 3.1 (in page 24), including the

Standard nozzle, used at the former Inland Steel caster, and studied in previous work [3]. Conditions

(input data) for the Standard nozzle case are also shown in Figure 3.2.

Figure 3.2 PFSG V.3.2 user interface showing input data for Standard nozzle conditions.
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Table 3.1 Nozzle dimensions and plant casting conditions studied in this chapter

Dimension/Condition Standard nozzle Nozzle 1 Nozzle 2 Nozzle 3 Nozzle 4

UTN entry diameter [mm] 114 80 111 81 30

UTN length [mm] 241.5 255 280 254 188.5

Upper plate thickness [mm] 63 50 25 50 14

UTN exit diameter [mm] 78 80 70 78 30

Middle sliding plate thickness [mm] 63 25 40.5 35 17

Middle sliding plate hole diameter [mm] 78 80 70 80 30

Lower plate thickness [mm] 100 160 35 160 14

SEN bore diameter [mm] 78 75 72.73 85 30

SEN length [mm] 748 714 776 709 327

Slide-gate opening fL[%] 32.4 40.2 57.9 43.2 47

Tundish height hTUN [mm] 1000 1040 1004 927.2 370

Casting speed Vc[
m

min ] 0.8 0.6 1.3 0.6 0.92

Argon gas flow rate [SLPM ] 10 6 6 0 0

Submergence depth [mm] 200 210 110 180 60

Slab width [mm] × thickness [mm] 1321x203.2 300x1900 1384x235 2300x300 500x75

Fluid density [ kgm3 ] 7000 7000 7000 7000 1000

Clogging 0(everywhere) 0(everywhere) 0(everywhere) 0(everywhere) 0(everywhere)
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The PFSG model assumes that upon injection into the nozzle, argon gas heats instantly to 1823 K,

according to previous work [45]. The dynamic viscosity of the fluid is set at 0.001 Pa.s for water and

0.0063 Pa.s for molten steel. Finally, standard STP conditions, for gas injection, are Patm = 101kPa and

Tamb = 298K.

The first output of PFSG, shown in Figure 3.3(a), is the gauge pressure distribution plot down the 10

different points in the tundish, UTN, SEN, and mold, arranged according to vertical distance. Next is a

plot of flow rate in the system predicted as a function of slide-gate opening, for all three definitions of the

opening (shown in Figure 3.3(b)).

Figure 3.3 Results for Standard nozzle (PFSG V.3.2) (a) pressure distribution (b) flow rate for different
definitions of gate opening.

Figure 3.4 shows the third output plot: the relation between linear slide-gate opening fraction (fL),

slide-gate area-opening fraction, (fA) and plant offset linear opening fraction (fp) for the given E and

Emax. If E and Emax are both omitted, then Emax is set to DUSENa (offset distance = 0), so the plant

offset linear fraction then coincides with the linear slide-gate opening fraction (shown in Figure 3.4).

Finally, PFSG outputs the error in the energy balance [ kJm3 ] for the conditions specified, which should be

nearly zero, i.e. < 0.1 [ kJm3 ], if the input data is compatible (shown in Figure 3.2).
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Figure 3.4 (a) Relationship between fp, fL, and fA (b) geometrical relationship between parameters in
calculating fL and fp for Standard nozzle (Dslide = DUSENa).

An important feature of the PFSG program is its ability to conduct parametric studies, in which the

effect of changing one or more casting condition(s) or geometrical input(s) on the pressure distribution/flow

rate can be studied. In addition, the program can also be used as an inverse model to determine the value

of one unknown casting condition, given all of the other inputs (casting conditions and geometric data).

This feature is particularly useful for researchers, process engineers, and other professionals in the steel

industry to calibrate the model for a given plant, and then to apply it to solve problems and to gain deeper

insights into the pressure and flow-related phenomena that affect continuous casting of steel.

The first version of PFSG was basically a user-friendly version of the model by Yang et al.[4] in which

the inverse-capability of parametric study was added. PFSG V.1 also generated the three graphs and

output file of useful information. Later versions of PFSG added features to this model. PFSG V.2.2 added

FSOLVE, the Settings menu to customize clogging at different places inside the nozzle, absolute roughness

in UTN and SEN, pressure loss constant at slide-gate region and port, fluid density (in case the water

model is required to be analyzed), number of nozzles exiting the tundish bottom, and the transition

Reynolds number for turbulence.

Finally, PFSG V.3.2 implemented variable argon gas flow rate inside the UTN, slide-gate, and SEN

according to the local pressures when solving Equation 3.14. It also implemented an improved iteration

method. This enabled incorporating the mixture density, which is highly coupled, and thus improved the

model accuracy over PFSG V.2.2, which simply assumed constant density, based on the liquid phase. This
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version also generalized the inverse modeling feature. The value of any one of 6 missing casting conditions

(Main window) or any one of 8 missing Clogging values or the slide-gate Pressure Drop Constant (Settings

Menu) may be left blank (unknown) ( Figure 3.2) and solved by PFSG.

3.3 Model Verification and Validation

In order to validate and verify the pressure energy model (PFSG), flow rate and pressure distribution

prediction of the model is compared with CFD simulations and with available data from plant

measurements and water model experiments. The information regarding validation nozzles are given in

Table 3.1. Please note that two different versions of PFSG are used: PFSG V.2.2 (which assumes constant

argon gas expansion) and PFSG V.3.2 (which considers argon gas expansion varying with position in the

nozzle according to the local pressure).

3.3.1 Verification of PFSG with CFD Simulations

A three-dimensional finite-volume Computational Fluid Dynamics (CFD) model was applied to predict

velocity and pressure fields in the nozzles during continuous casting, for both the real steel caster and

water model cases. Velocity and pressure of the turbulent fluid flow inside the Eulerian domain, consisting

of the UTN, slide-gate, and SEN nozzle interiors, were calculated using a Reynolds-Averaged Navier-Stokes

(RANS) standard k − ϵ model for steady-state flow or a Large Eddy Simulation (LES) model for transient

flow. These CFD model predictions were compared with PFSG model calculations, as well as plant and

water model measurements when available.

The continuity equation for mass conservation is:

∂

∂xi
(ρui) = 0 (3.59)

where ρ is fluid density [ kgm3 ] and ui is velocity in the 3 coordinate directions [ms ]. The Navier-Stokes

equation for momentum conservation is:

∂

∂t
(ρui) +

∂

∂xj
(ρuiuj) = −∂p∗

∂xi
+

∂

∂xj
[(µ+ µt)(

∂ui

∂xj
+

∂uj

∂xi
)] (3.60)

where p∗ is modified pressure (p∗ = p+ 2
3ρkr) [Pa], p is gauge static pressure [Pa], µ is dynamic

viscosity of the fluid [Pas], and µt is turbulent viscosity [Pas] which is calculated from two additional

scalar transport equations [46], of turbulent kinetic energy (k) and its dissipation rate (ϵ), or from the

Smagorinsky-Lilly subgrid-scale viscosity model [47]. To consider argon gas injection in the CFD models,

the two-phase Eulerian-Eulerian model is implemented into the RANS model, which solves two sets of

mass and momentum equations for the liquid and gas phases [48]. A Discrete Phase Model (DPM) is
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two-way coupled with the LES fluid flow model, by including a source term into the momentum equation,

and solving an additional transport equation for each gas bubble, as explained elsewhere [49].

For boundary conditions, inlet area at the top of the UTN (tundish bottom) was assigned as a

constant-velocity inlet. The nozzle port outlets were assigned as a pressure outlet according to the

hydrostatic pressure head distance from the nozzle ports to the top surface level in the mold. Nozzle walls

were given standard wall functions in the RANS model, and a wall function approach given by

Werner-Wengle [50] in the LES model. The initial condition was zero velocity everywhere. The equations

were discretized with hexahedral finite-volume cells (e.g. Nozzle 3 case: ∼ 20,000 cells in the RANS model

and ∼ 150,000 cells in the LES model), and solved for velocity and pressure by the Semi-Implicit Pressure

Linked Equations (SIMPLE) algorithm, using the CFD package, Ansys Fluent [48]. Convergence of the

steady-state RANS model was defined when all scaled residuals were stably lower than 10−4. The transient

LES model was started at time = 0 second and run for 7 seconds. First, the flow was allowed to develop for

1 second, which is longer than the residence time of molten steel inside the nozzle (total nozzle

length/average velocity: 1.2 m/1.3 m/s = 0.9 second). Then, the LES simulation was run 6 seconds further

to calculate time-averages of the velocity and pressure fields.

3.3.2 Validation of PFSG with Inland Steel Plant Data

Using the experimental data (curve fit of plant data) provided by Inland Steel [3], the slide-gate

opening flow rate relation for Standard nozzle conditions (Table 3.1) is plotted and compared

in Figure 3.5(a) with the PFSG V.2.2 and PFSG V.3.2 model predictions, and with previous CFX

simulations done by Bai et al. [3]. The corresponding pressure distribution is plotted in Figure

Figure 3.5(b) using both versions of PFSG.

As shown in Figure 3.5(a), the predicted relation between steel flow rate and slide-gate opening matches

well with both plant measurements and the previous CFX predictions [3]. More specifically, the maximum

error associated with both PFSG versions and the CFX simulations is around 6 pct, using the plant

slide-gate opening with 24 pct offset from Bai [3]. These results match the upper range of the plant

measurements. Decreasing the offset to 15 pct enables a closer match of PFSG with the best-fit line

through the plant data.

Pressure distributions for fp = 62 pct plant slide-gate opening are plotted in Figure 3.5(b). The

pressure gradient predicted in the nozzles by PFSG V.3.2 is slightly lower than that of PFSG V2.2, due to

the argon gas expansion and the lower density of the fluid mixture.
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Figure 3.5 PFSG model validation with Inland Steel caster data [3] for Standard nozzle casting conditions
(a) flow rate (b) pressure distribution.

.

3.3.3 Verification and Validation of PFSG with Plant 2 Data

Next, the PFSG models were verified with new CFD k − ϵ RANS simulations and validated with plant

measurements at Plant 2 for the conditions and geometry of Nozzle 2 given in Table 3.1. The pressure

distributions for 57.85 pct linear slide-gate opening with both PFSG V.3.2 and PFSG V.2.2 are compared

with CFD simulation profiles in Figure 3.6. There is reasonable agreement between the pressure

distributions of the CFD simulation and PFSG, which verifies the new model. PFSG V.3.2 differs only

slightly from V.2.2, owing to its varying argon gas expansion according to the local pressure. Therefore,

PFSG V.3.2 pressure prediction is expected to be more realistic than the Fluent and PFSG V.2.2 profiles,

especially when argon flow rate is higher, so the differences are greater.
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Figure 3.6 Pressure distributions verification of PFSG with CFD simulation for Nozzle 2 conditions at
57.85 pct fL.

.

Figure 3.7 compares the predicted relation between flow rate and slide-gate opening fraction from

PFSG V.3.2 with experimental data from Plant 2 [51]. The trends match reasonably well. However, a

much better match was obtained using fp with an offset of 17 mm, compared to that with fL.

Figure 3.7 PFSG V.3.2 validation with Plant 2 data [51] for Nozzle 2 casting conditions.
.
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3.3.4 Verification and Validation of PFSG with Plant 3 Data

Figure 3.8 shows the pressure distribution for Nozzle 3 (see Table 3.1) for the nozzle geometry and

conditions of the steel caster at Plant 3, using new CFD simulations (both standard k − ϵ RANS and LES)

together with profiles using PFSG V.2.2 and PFSG V.3.2. The pressure predictions from PFSG V.2.2 and

PFSG V.3.2 match exactly, because there is zero gas injection. In addition, there is reasonable agreement

between PFSG and the CFD simulations (standard k − ϵ and LES). Note that the CFD simulations do not

extend into the tundish, to avoid the expense of adding the extra geometry, and because the hydrostatic

pressure Equation 3.24 is very accurate in this region. The PFSG model matches best with the LES model

results for the overall system pressure drop. In the local region near the slide-gate, however, the LES model

produces a larger local pressure drop than either the RANS or PFSG models.

Figure 3.8 PFSG verification with Plant 3 Nozzle 3 using CFD simulations.

3.3.5 Verification and Validation of PFSG with Plant 4 Water Model Experimental Data

Finally, PFSG results are compared with measurements on a 1/3 scale water model of a steel caster at

Plant 4. Details of the conditions and geometry are given in Table 3.1 for Nozzle 4. Pressure distributions

are plotted in Figure 3.9 using new CFD k − ϵ RANS simulations, PFSG V.2.2 and PFSG V.3.2

calculations, and also include the experimental pressure measurements. For this case (with water), the

slide-gate pressure loss constant, ζ, in Equation 3.38, in PFSG V.3.2 and PFSG V.2.2 was increased from

its standard value of 1 to 2.1 in order to satisfy the energy balance. Note that the PFSG V.2.2 and PFSG

31



V.3.2 calculations exactly match, owing to the lack of gas injection. The results in Figure 3.9 show that the

pressure distributions predicted by PFSG match very well with the pressure measurements below the

slide-gate, and better than the CFD simulations. The under-prediction of the minimum pressure by the

CFD model in the slide-gate region also occurred in the verification cases for Plant 2 and 3. Except in this

region, the CFD predictions along three different paths inside the nozzle are almost identical, which justifies

the PFSG model assumption that pressure distribution is uniform in the transverse direction across the

nozzle. Finally, the PFSG pressure distributions match almost exactly with the measured tundish height.

Figure 3.9 PFSG model validation with Plant 4 water model data [52] for Nozzle 4 conditions (l1: center
line, l2: line down front, l3: line down side of nozzle bore).

3.4 Parametric Studies

Having verified and validated the PFSG model, it was applied to conduct several different sets of

parametric studies to investigate the effects of casting conditions and nozzle geometry on flow rate and

minimum pressure in a typical caster with a slide-gate flow-control system. All of the studies in this section

are conducted using PFSG V.3.2 with its inverse-modeling capability. The conditions are based on the

Nozzle 1 and Standard nozzle geometries and casting conditions in Table 3.1, except as specifically

explained, for the parametric study variations.

It is important to note that in order to maintain energy balance in the system (i.e. Error < 0.1 kJ
m3 ),

always two parameters must change together. Often, the slide-gate opening position (fraction) is one of

these two parameters.
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3.4.1 Effect of Casting Conditions and Nozzle Geometry on Flow Rate

In this section, the effect of different casting conditions and nozzle geometry on system flow rate are

investigated, based on the Nozzle 1 geometry and casting conditions in Table 3.1. Specifically, the effects of

changing the argon gas injection rate, lower-SEN diameter, tundish height, and nozzle submergence depth

are investigated, either by allowing corresponding changes to the flow rate, or by adjusting the slide-gate

opening to maintain the flow rate (and casting speed). The studies begin with an investigation of the

relation between tundish height, flow rate, and slide-gate opening position.

3.4.1.1 Effect of Slide-gate Opening

The relationship between tundish height and flow rate (casting speed) depends on the slide-gate

opening and is investigated with PFSG as shown in Figure 3.10. Figure 3.10(a) quantifies how, for a fixed

slide-gate opening, increasing tundish height causes increasing flow and casting speed, due to the increase

in the effective head of the system. Also, for a given tundish height, increasing the slide-gate opening

causes an increase in flow rate. The same results are presented in Figure 3.10(b) as the relation between

slide-gate opening and tundish height for a given casting speed. To maintain a constant flow rate, as the

tundish height drops, the slide-gate opening must increase. The required increase in slide-gate opening is

larger at low tundish heights and high casting speeds. The flow rate is most sensitive to small changes in

slide-gate opening at high tundish heights and low casting speeds. Finally, Figure 3.10(b) quantifies how

much more the slide-gate must open at higher casting speeds.

Figure 3.10 Relation between tundish height, flow rate (casting speed), and slide-gate opening for Nozzle 1
conditions plotted for (a) different slide-gate openings (b) different casting speeds.
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3.4.1.2 Effect of Argon Gas Injection

Figure 3.11 illustrates the influence of argon gas injection rate on the steel flow rate for constant

tundish height, (1040 m), while adjusting the slide-gate opening. To maintain a given flow rate (casting

speed), increasing argon gas injection requires higher slide-gate opening. This is because maintaining a

constant flow rate with more argon gas means less effective space for the molten steel, which must be

compensated by a larger slide-gate opening. At a given slide-gate opening, increasing the argon gas flow

rate would decrease the casting speed (flow rate). Finally, for a given argon gas injection rate, increasing

slide-gate opening naturally causes increased flow rate and casting speed.

Figure 3.11 Effect of casting speed (flow rate) on argon injection rate relation with slide-gate opening for
Nozzle 1 conditions.

3.4.1.3 Effect of Diameter of Lower SEN

To explore the effect of the lower SEN diameter on flow rate, casting speed is plotted in Figure 3.12 as a

function of tundish height for different lower SEN diameters at a fixed slide-gate opening fraction of 40 pct.

For a given diameter of the lower SEN, increasing tundish height causes an increase in casting speed, as

expected. For a given tundish height, increasing the lower SEN diameter causes a higher flow rate, up to 80

mm which is a straight SEN. Increasing the diameter beyond 80mm has little effect because the flow

resistance of the lower SEN then becomes negligible.
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Figure 3.12 Effect of diameter of lower SEN on flow rate (casting speed) relation with tundish height for
Nozzle 1 conditions (constant 40 pct slide-gate opening).

3.4.1.4 Effect of Tundish Height

Figure 3.12 also shows the effect of tundish height on flow rate/casting speed if the side gate opening

remains constant. Submergence depth has the same trend as discussed later.

In actual practice at the plant, increasing tundish height requires decreasing slide-gate opening, to

maintain a given steel flow rate, as already presented. These trends are alternatively quantified

in Figure 3.13, which shows the effect of slide-gate opening on casting speed for different liquid levels

(heights) in the tundish. This figure shows results for Standard nozzle conditions in Table 1, except that

the argon flow rate was changed to consider two different values of 0 and 6 SLPM. Increasing tundish

height naturally increases the casting speed, for a given slide-gate opening. It is interesting to note that the

increase in casting speed is most sensitive to small changes in slide-gate opening when the system is at

intermediate gate openings. At extreme low and high slide-gate openings, near to fully opened, and fully

closed, the flow rate does not change as much with gate opening. Finally, comparing Figure 3.13(a)

and Figure 3.13(b) shows that decreasing the argon gas injection rate (from 6 to 0 SLPM) requires a

general decrease in slide-gate opening, with the same general trends. Furthermore, Figure 3.13(a) shows

the theoretical situation that no flow is possible below a certain critical gate opening, due to the argon gas

occupying all of the space and leaving no room for molten steel.
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Figure 3.13 Effect of tundish height on system flow rate relation with slide-gate opening for Nozzle 1
conditions, with (a) 6 SLPM argon gas injection (b) 0 argon gas injection.

3.4.1.5 Effect of Submergence Depth

Increasing the submergence depth requires lowering of the entire tundish assembly (for a given nozzle

geometry), so the effect is exactly opposite to that of tundish height. As shown in Figure 3.14 (in page 37),

increasing submergence depth for a given slide-gate opening causes a decrease in flow rate and casting

speed. Alternatively, increasing submergence depth while maintaining the casting speed requires an

increased slide-gate opening. Except at large slide-gate openings, these effects are very small, because the

typical range of submergence depths is relatively small (50 to 250mm). The results are similar when argon

gas injection is decreased from 6 SLPM (shown in Figure 3.14) to zero, except that the slide-gate openings

all decrease by ∼10-15 pct, depending on the casting speed. It is important to note that (tundish height -

submergence depth) is the fundamental driving force for flow. Therefore, these two variables can be easily

combined together into one variable: the difference in liquid level between the tundish and the mold.

3.4.2 Minimum Pressure Results

As explained earlier, the minimum pressure in the flow system occurs just below the slide-gate opening

in the upper SEN. Finding the minimum pressure is important, because negative gauge pressure can cause

air aspiration, which leads to re-oxidation, nozzle clogging and inclusions, resulting in defect(s) in the final

product. Therefore, in this section, parametric studies are presented, based on the Standard nozzle and

Nozzle 1 geometry and casting conditions in Table 3.1, to investigate the minimum pressure in the nozzle,

and to find ways to raise it.
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Figure 3.14 Effect of nozzle submergence depth on relation between flow rate and slide-gate opening, for
Nozzle 1 conditions.

3.4.2.1 Effects of Tundish Height and Casting Speed

Figure 3.15 through Figure 3.17 show the effect of flow rate on minimum pressure at different tundish

heights for Standard nozzle conditions, but with three different bore diameters of all of the nozzles (UTN,

upper and lower SEN). Increasing casting speed initially causes the minimum pressure to decrease, but

after reaching a critical value (minimum of minimums), further increase in casting speed causes the

minimum pressure to increase. For a given nozzle bore diameter, the critical minimum pressure is always

observed at the same slide-gate opening fraction, regardless of tundish height. Specifically, the minimum

pressure occurs at about 50, 70, and 75 pct linear slide-gate opening for nozzle bore diameters of 75, 85,

and 90 mm, respectively. The tundish height and SEN submergence depth have a negligible effect on this

critical slide-gate opening. Increasing tundish height worsens the minimum negative pressure, as shown

in Figure 3.15(a), Figure 3.16(a) (in page 38), and Figure 3.17(a) (in page 39). This finding suggests that

to reduce aspiration in the system, tundish height should decrease.

It is worth mentioning that further increase in diameter of the nozzle bores, or excessive increase in

tundish height or nozzle length may decrease the minimum pressure to below -101kPa in the model. This is

not physically possible, so other physics must be activated, such as cavitation and/or non-primed flow, and
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the current model results are not accurate in such scenarios. This issue is more common in stopper-rod

systems, as noted in recent work [36] and should be investigated in future studies.

Figure 3.15 Effect of tundish height on casting speed relation with (a) minimum gauge pressure and (b)
slide-gate opening (Standard Nozzle conditions but with 75mm nozzle bore).

Figure 3.16 Effect of tundish height on casting speed relation with (a) minimum gauge pressure and (b)
slide-gate opening (Standard Nozzle conditions but with 85mm nozzle bore).
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Figure 3.17 Effect of tundish height on casting speed relation with (a) minimum gauge pressure and (b)
slide-gate opening (Standard Nozzle conditions but with 90mm nozzle bore).

3.4.2.2 Effects of Submergence Depth and Casting Speed

The effect of flow rate on minimum pressure in the flow system is plotted with casting speed

in Figure 3.18 for different submergence depths. To maintain the energy balance, the slide-gate opening

varies according to the casting speed. The effect is exactly the opposite of the effect of tundish height, as

expected. Figure 3.18(b) shows that the minimum pressure is achieved at a constant linear slide-gate

opening (55 pct for this case) regardless of submergence depth. Also, as submergence depth increases, the

minimum pressure increases. This is due to the greater slide-gate opening required. These findings suggest

that to lessen the negative pressure problem and thereby lessen air aspiration problems, nozzle

submergence should be deeper.

Figure 3.18 Effect of nozzle submergence depth on variation of minimum pressure with (a) casting speed
and (b) slide-gate opening. (Standard Nozzle conditions).
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3.4.2.3 Effect of Nozzle Bore Diameter

The effect of diameter of the lower SEN on the relation between casting speed, tundish height, and

minimum pressure can be seen by comparing Figure 3.15 through Figure 3.17. In general the trends are the

same, and increasing the lower SEN bore diameter causes the critical slide-gate opening that causes the

lowest minimum pressure to increase, as presented in section 3.4.2. This critical slide-gate opening is

almost independent of tundish height, submergence depth, and throughput. However, it increases greatly

with increasing bore diameter. This trend is visualized more clearly in Figure 3.19, where it is important to

note that each symbol represents many different cases.

Figure 3.19 Effect of lower SEN diameter on slide-gate opening fraction at minimum pressure for Standard
nozzle at various casting speeds, tundish heights, and submergence depths.

Figure 3.20 shows the value of the critical (lowest) minimum gauge pressure corresponding to the

points in Figure 3.20, while operating at the critical gate opening that gives minimum pressure. The value

of the minimum pressure decreases (gets worse) with increasing tundish height, decreasing submergence

depth, or increasing nozzle diameter. In this figure, the casting speed varies from 1.3 m
min (70 mm diameter

SEN at tundish height of 600 mm) to 5.2 m
min (90 mm diameter SEN at tundish height of 1600 mm). This

finding suggests that air aspiration and re-oxidation problems should be minimized with lower tundish

level, and/or smaller diameter of the lower SEN, which is consistent with previous findings [3].
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Intermediate casting speeds should be avoided, as the minimum pressure is less severe when the slide-gate

opening is near to fully opened or fully closed. Unfortunately, this last recommendation requires great care

to implement in practice, and many caster operations tend to operate near the worst condition of the

critical slide-gate opening.

Figure 3.20 Effect of diameter of lower SEN on minimum pressure (Standard nozzle).

3.5 Conclusion

This work presents a new, standalone, user-friendly MATLAB-based graphical user interface program,

Pressure-drop and Flow-rate in slide-gate systems (PFSG) to quantify pressure distribution and flow rate

in continuous steel casting flow-delivery systems. This software tool includes the effects of argon gas with

locally-varying expansion with pressure, clogging, and complex nozzle geometry. It can predict potential

negative pressure which may cause quality problems related to air aspiration and nozzle clogging. The

model is verified with CFD simulations and validated with various plant measurements and water model

experiments. The maximum error associated with the validation cases is approximately 6 pct. Parametric

studies with the validated model revealed the following results:

• Flow rate and casting speed increase in proportion with increasing the pressure head height that

drives the flow, which is governed by the distance between the liquid levels in the tundish and mold.
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• Owing to their effects on the pressure head height, the flow rate increases with increasing tundish

height, increasing SEN length, and decreasing nozzle submergence depth, for a given slide-gate

opening.

• Specifically, doubling the tundish height increases casting speed by about 20 pct, for the same

slide-gate opening.

• Varying the nozzle submergence depth over typical commercial caster ranges, between 100 to 200

mm, does not change the flow rate significantly.

• Increasing argon gas injection requires increasing the slide-gate opening to maintain the flow rate.

• Increasing SEN diameter requires decreasing the slide-gate opening (and opening fraction) to

maintain flow rate.

• The slide-gate opening fraction at minimum pressure is almost independent of tundish height,

submergence depth, and throughput.

• The critical opening fraction at minimum pressure depends greatly on SEN diameter. Specifically, it

increases from 45 pct open to 75 pct open with increasing SEN diameter from 70 to 90 mm, for the

conditions of this study.

• The effect of argon gas on pressure depends on the slide-gate opening fraction. For large casting

speeds, (with large gate openings greater than the critical fraction for minimum pressure), increasing

argon injection causes increase in gate opening which increases the minimum pressure, tending to

alleviate air aspiration. For small casting speeds, (with small gate openings less than the critical

fraction), increasing argon injection causes increasing gate opening, which lowers the minimum

pressure and aggravates the air aspiration problem.

• The minimum pressure tends to decrease (gets worse) with increasing tundish level height, and

increasing nozzle bore diameter.
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CHAPTER 4

PRESSURE DISTRIBUTION AND FLOW RATE BEHAVIOR IN CONTINUOUS-CASTING

STOPPER-ROD SYSTEMS: PFSR

Modified from a paper to be submitted to The Journal of Metallurgical and Materials Transactions B.

Hamed Olia9,10, B. G. Thomas11,12, Dirk van der Plas13,14

Similar to chapter 3, a one-dimensional pressure energy model for stopper-rod flow delivery systems,

PFSR, is introduced. The new model is able to calculate pressure distribution and flow rate in a

stopper-rod controlled nozzle for argon-molten steel mixture flow including argon gas expansion by solving

a system of Bernoulli equations. PFSR, like PFSG, is a MATLAB-based Graphical User Interface (GUI)

software package. It employs an inverse model to solve a system of equations. It also enables users to

conduct parametric studies in a very short time. The Computational Fluid Dynamics (CFD) simulations

along with the water model and the plant measurements are used to verify and validate the model,

respectively.

4.1 Introduction

The pressure distribution in the molten metal delivery system of a commercial steel continuous caster is

important for several reasons: 1) it governs the flow rate and its sensitivity to changes in casting conditions,

and 2) the minimum pressure may cause air aspiration and accompanying quality problems [3, 4]. The flow

is driven by gravity according to the pressure drop between the liquid surface level in the tundish and the

liquid surface level in the mold [3, 4]. A flow-control device, consisting of either a sliding gate or a

stopper-rod, decreases the local cross-sectional area to restrict the flow, which causes a large local pressure

drop. This is continuously adjusted during casting to maintain the desired flow rate and casting speed.

In a stopper-rod system, molten steel from the tundish flows through the thin gap between the

stopper-rod and the tundish floor, down through the Upper Tundish Nozzle (UTN), into the Submerged

Entry Nozzle (SEN), and finally exits the nozzle ports into the mold cavity. Just beneath the minimum

gap near the stopper-rod tip, the pressure often drops below atmospheric pressure. This tends to aspirate

gas leakage into the nozzle through any porous refractory, cracks, or joints in the refractory components
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10Primary researcher and author
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12Author for correspondence
13Knowledge group leader in Research and Development, TATA Steel
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[3–5]. In some systems, argon gas is supplied to the region in order to aspirate argon instead of air if any

leakage occurs [26, 53, 54]. If air aspiration from the atmosphere occurs, then the oxygen and nitrogen will

react with dissolved alloy elements in the molten steel to form inclusions which may adhere to the nozzle

walls as clogging, decreasing the local cross sectional area. The reaction products and clog material may

agglomerate into large detrimental inclusions, which may become entrapped in the final steel as defects

which lower product quality [6, 55]. In addition to lower productivity, by changing the internal geometry of

the flow path inside the liquid delivery system, clogging also causes instability in the turbulent flow,

leading to variations in flow rate, mold flow problems such as surface level fluctuations, and finally slivers

and other serious defects in the steel product [56–58].

Clogging may occur at different places in the nozzle according to its formation mechanism [3, 5, 10].

The most susceptible places are near joints and/or cracks, where re-oxidation inclusion products form.

Clogging buildup may also occur at the entrance to the UTN or at the top of the nozzle port outlets, where

there may be flow separation that allows upstream inclusions to attach to the walls [3–5, 55]. Uniform

clogging buildup around the perimeter of the nozzle is common if the superheat drops and a combination

of clogging and frozen steel skulls can form, especially in the lower SEN [6]. Further details on clogging

mechanisms and their accompanying defects are discussed elsewhere [3–5, 59, 60].

Different practices have been implemented in commercial casters aiming to alleviate clogging problems

[60]. One option is to modify the nozzle geometry to lessen re-circulation and inclusion attachment to the

nozzle walls [6, 55] to improve joint sealing [13] using oversized nozzle bores and ports [14, 15] to

accommodate longer times of casting while clogging before a nozzle change, and varying nozzle diameter

[16, 17], or insulating around the nozzle exterior to lessen skulling-type clogs [16]. A second option is to

liquefy the inclusions, if they are alumina-based, by calcium treatment [18–22], or using a different nozzle

material or coating, such as calcia [61–63], or boron nitride [64–66] to lessen inclusion adherence to the

nozzle walls. Finally, the most common practice is to add argon into the system through stopper-rod tip,

UTN, or other places inside the nozzle. Argon acts to less clogging via several different mechanisms, which

are discussed elsewhere [3, 4, 6].

Several different models have been applied in previous work to predict the pressure distribution and

flow rate in slide-gate or stopper-rod molten-metal delivery systems as a function of system geometry and

casting conditions. Previous work on slide-gate systems is reviewed elsewhere [6, 9, 59]. Computational

methods for models of stopper-rod systems include: computational fluid dynamics (CFD) models [67–73],

the Bernoulli energy-balance approach, [26, 53, 70, 74], and neural networks (machine learning) [75]. The

results indicate that the combined effects of stopper-rod opening, casting speed, nozzle geometry, argon gas

injection rate, tundish height and submergence depth all determine the pressure distribution in the system.
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Bai et al. [3] used a 3-D multiphase CFD model to calculate how the injection of argon gas can alleviate

the negative pressure problem and quantified how much argon is needed for different nozzle diameters and

casting conditions. For most conditions, the required argon is unfeasibly high to completely avoid negative

pressure.

A one-dimensional (1-D) analytical Bernoulli energy-balance approach to model pressure and flow rate

has been introduced by several researchers [26, 53, 70, 74] to calculate flow in stopper-rod systems as a

function of stopper opening. For example, Liu’s Bernoulli-type model [70] revealed the classic pressure

distribution. This model used a clogging factor to implement the effect of clogging and quantified how

much the stopper had to open to accommodate increasing clogging, in order to maintain the flow rate (and

casting speed). Another such Bernoulli-type model, by Javurek et al. [26, 53], calculated pressure at

various points in stopper-rod flow systems with a single tip radius using different empirical loss coefficients

for single phase and multi-phase flow. Another 1-D Bernoulli-type model by Eck [74] for single-tip radius

stopper-rod systems with single-phase flow featured a simple Graphic User Interface (GUI) for input data.

The calculated pressure distributions predicted similar trends.

The present chapter introduces a general, flexible, computationally-efficient modeling package for

calculating Pressure distribution and Flow rate within stopper-rod flow delivery systems: PFSR. Like

PFSG [59], the new PFSR software package features a user-friendly GUI with an inverse-modeling solver

which includes the effects of argon gas injection with locally-varying gas volume expansion, non-circular

stopper-rod tip shape, and clogging that may vary with location in the nozzle. The new model is verified

with three-dimension CFD simulations and validated with measurements in both water models and

commercial casters. To overcome issues with non-physical negative pressure in some commercial systems,

methodologies are introduced to include the effects of non-primed flow and cavitation.

4.2 Model Description

PFSR employs the Bernoulli energy-balance approach to calculate pressure distribution and flow rate in

stopper-rod flow-control systems in continuous casting of steel slabs. The program features a MATLAB

[39]-based GUI and several steel plants are using this offline model to understand and improve their

operations. The modeled metal delivery system starts from the top surface of the molten steel inside

tundish, through the stopper-rod gap region, the upper tundish nozzle (UTN), submerged entry nozzle

(SEN), and ends at the top surface level in the mold. In addition to the geometry, model inputs include the

casting conditions, such as the stopper-rod opening, tundish height, flow rate, slab thickness/width, argon

gas injection rate, and possible clogging. The model equations, which are solved using MATLAB, are

described in the next section.
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4.2.1 Pressure-Energy Model Equations

A one-dimensional system of pressure - energy balance equations for continuous casting systems with

stopper-rod flow control is solved using PFSR. These Bernoulli-type equations consider kinetic energy,

potential energy, and turbulent dissipation pressure/energy losses [4, 59]. Similar to the approach used for

slide-gate systems, PFSG, [59], general analytical expressions are obtained for the pressure/energy loss

between 10 selected points distributed vertically down the flow system ( Figure 4.1 in page 47), such that

the pressure is calculated at each point by:

Px =Px+1 + ρmghx+1 − ρmghx +
1

2
ρmV 2

x+1 −
1

2
ρmV 2

x +
∑

∆PL (4.1)

where Px is gauge pressure of point x [Pa], ρm is mixture fluid density [ kgm3 ], Vx is velocity at point x [ms ],

hx is the height of point x [m], and g is gravitational acceleration [9.81m
s2 ]. Fluid velocities at each point

are calculated from the system flow rate, based on the effective local cross-sectional area, as described in

4.2.2. A boundary condition of 1 atm pressure is applied at the top surface levels of the tundish and mold.

The pressure energy loss terms,
∑

∆PL , [Pa] are explained in Section 4.2.3 below, and depend on the

geometric details and flow phenomena between each pair of points. The molten steel velocity at the

tundish top surface, V1, and at top surface in the mold, V10, are considered to be negligible [4, 59].

Applying Equation 4.1 to the ten points in the continuous casting system shown in Figure 4.1 yields to

the following ten equations:

P1 =P2 − ρLgh1−2 (4.2)

P2 =P3 +
1

2
ρmV 2

3 +∆PL,cont +∆PL,tun +∆PL,two +∆PL,stopper (4.3)

P3 =P4 −
1

2
ρmV 2

3 +
1

2
ρmV 2

UTNa +∆PL,exp (4.4)

P4 =P5 − ρmgh4−5 −
1

2
ρmV 2

UTNa +
1

2
ρmV 2

USENa +∆PLf,4−5 +∆PL,UTN (4.5)

P5 =P6 − ρmgh5−6 −
1

2
ρmV 2

USENa +
1

2
ρmV 2

USENb +∆PLf,5−6 +∆PL,USEN (4.6)

P6 =P7 − ρmgh6−7 −
1

2
ρmV 2

USENb +
1

2
ρmV 2

SENa +∆PLf,6−7 +∆PL,tap (4.7)
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P7 =P8 − ρmgh7−8 −
1

2
ρmV 2

SENa +
1

2
ρmV 2

SENb +∆PLf,7−8 +∆PL,lSEN (4.8)

P8 =P9 −
1

2
ρmV 2

SENb +
1

2
ρmV 2

port +∆PL,port +∆PL,tee +∆PC,port (4.9)

P9 = ρLghsub (4.10)

P10 =Patm = 0 (4.11)

Figure 4.1 Example pressure distribution for all 10 points in a stopper-rod metal delivery system (Nozzle 1
conditions).
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4.2.2 Velocity and Area Calculations

Velocity at each point in the PFSR model, Vx [ms ], is calculated from the system flow rate as follows:

Vx =
Q

Aeff,x
(4.12)

where Q is the liquid (water or steel) flow rate [m
3

s ], and Aeff,x is the effective area of the local horizontal

cross section [m2].

4.2.2.1 Effective Area Calculations

At any given point, x, in the flow system, Aeff,x is the area of the local cross section of the nozzle [m2].

With no gas injection, this effective area matches the physical cross-section area according to the nozzle

geometry, Aeff,x [m2]. However, if argon gas is injected, then the effective area occupied by the liquid flow

will be smaller:

Aeff,x =Ax(1− αx) (4.13)

The gas volume fraction, αx, is defined as:

αx =
Qgas,x

Qgas,x +Q
(4.14)

where Qgas,x is the flow rate of the “hot” (i.e. at molten steel temperature, Thot = 1823K) argon gas at

point x [m
3

s ] and is calculated as follows:

Qgas,x =SLPM
Patm

Patm + (Px+1+Px

2 )

Thot

T∞

0.001

60
(4.15)

where SLPM (standard liters per minute) is the flow rate of the “cold” (i.e. at ambient temperature

T∞ = 298K) argon gas injected, Patm is the standard (atmospheric) pressure 101 kPa, and Px+1 is gauge

pressure at point x+ 1 [kPa] (downstream pressure). The local gas fraction can also be used to calculate

the mixture density between two points:

ρm = ρL(1− αx) (4.16)

where ρL is liquid density [ kgm3 ].

The cross section of the UTN is considered to be circular, so can be calculated as follows:

Ax =
π

4
D2

x (4.17)
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where Dx is the diameter at that location, x, down the nozzle [m]. At other vertical locations down the

nozzle system, the local cross section is based on Dx = Dh,x, the equivalent hydraulic diameter [m], for

more generality, based on the local area and perimeter as follows:

Dh,x =
4Ax

px
(4.18)

where px is the perimeter at that location x [m]. Also [59], for a nozzle with bifurcated ports, if the area of

each port exceeds half of the SEN bore area, it is set down to only half of the SEN area, because the jet

exiting that port cannot expand fast enough to change its area significantly, so the rest of the area, in the

upper port, typically has negligible net outward flow [3, 4].

4.2.2.2 Gap Area Calculation

The minimum cross-section area of the gap formed between the stopper-rod and tundish floor region,

Agap, [m
2] controls the flow rate and pressure in the system. It is calculated based on the parameters

shown in Figure 4.2.

Figure 4.2 Stopper-rod schematic showing parameters associated with general nozzle tip defined with 3
radii.
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These include: stopper-rod nose (tip) radius, rtip, stopper-rod bend 1 radius, rb1, stopper-rod bend 2

radius, rb2, stopper-rod height from tip to the straight section, Hstopper, stopper-rod diameter, Dstopper, all

in [mm] are input by the user to PFSR to define the stopper shape. To fully define the stopper geometry, 8

more parameters are required: the coordinates of the two tangent points between part-circles p1 and p2 ,

and their centers (xc1, yc1) and (xc2, yc2). This geometry is defined relative to the nose (tip) radius center

at the origin, (0,0). The following 8 independent equations are solved simultaneously for these 8 unknowns:

yc2 =Hstopper − rtip (4.19)

(
Dstopper

2
− xc2)

2 + ((Hstopper − rtip)− yc2)
2 = r2b2 (4.20)

(xp2
− xc2)

2 + (yp2 − yc2)
2 = r2b2 (4.21)

(xp2
− xc1)

2 + (yp2 − yc1)
2 = r2b1 (4.22)

(xp1 − xc1)
2 + (yp1 − yc1)

2 = r2b1 (4.23)

x2
p1

+ y2p1 = r2tip (4.24)

yc2 − yp2
xc2 − xp2

=
yc2 − yc1
xc2 − xc1

(4.25)

yc1 − yp1
xc1 − xp1

=
yc1
xc1

(4.26)

where xci and yci (i = 1, 2) are the x-coordinate and y-coordinate of the bend i.

The next step is to define the tundish floor geometry. The user must input: tundish floor radius, rt,

and diameter of the UTN entry, DUTNa, both in [mm]. Assuming a single radius of curvature of this floor,

this requires the coordinates of the circular segment (xt, yt) with given radius rt and the coordinates of the

tangent point (xm, ym) where the stopper touches the tundish floor when the system is fully closed (i.e no

flow), as shown in Figure 4.3(a).
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Figure 4.3 Geometrical relationship between stopper-rod and tundish floor circular segment at (a) fully
closed (b) partially open position.

These 4 parameters are found by solving the following 4 equations simultaneously:

xt = rt +
DUTNa

2
(4.27)

(xc1 − xm)2 + (yc1 − ym)2 = r2b1 (4.28)

(xt − xm)2 + (yt − ym)2 = r2b1 (4.29)

yc1 − yt
xc1 − xt

=
ym − yc1
xm − xc1

(4.30)

From these parameters, the gap opening distance, S, for any stopper-rod opening, hsro, is calculated

according to the geometry shown in Figure 4.3(b) as follows:

S =
√

(x0)2 + (y0 + hsro)2 − (rt + rb1) (4.31)
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and the angle θ , shown in Figure 4.3(b), is found from:

θ = arccos(
x0

S + rt + rb1
) (4.32)

where the horizontal and vertical distances between the center of the circular segment of the tundish floor

and the center of the first bend, x0 and y0, are defined as follows:

Figure 4.4 Stopper geometry showing minimum gap.

x0 =xc1 − xt (4.33)

y0 = yc1 − yt (4.34)

Finally, to calculate the area of the gap which is similar to a lateral surface area of a conical frustum as

shown in Figure 4.4, the below equation is used [76]:

Agap =πS(R1,x +R2,x) (4.35)

where:
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R1,x =xc1 + rb1 cos θ (4.36)

R2,x =xt − rt cos θ (4.37)

4.2.3 Pressure Losses

The pressure loss terms,
∑

∆PL in Equation 4.1, between each pair of points in the PFSR model

system in Figure 4.1, are defined in the following sections.

4.2.3.1 Tundish Liquid Level to Tundish Floor (Points 1 to 2)

The simple linear equation for hydrostatic pressure that relates these two points has no undefined

pressure loss terms, and P1 is at atmospheric pressure, which comprises the lower boundary condition of

the system. Similarly, point 10 is the upper boundary condition fixed at 1 atm.

4.2.3.2 Tundish Floor to Gap Region (Points 2 to 3)

While passing from the tundish floor, point 2, to the minimum gap, point 3, the hydrostatic pressure

increase is negligible, but the flow experiences 4 different pressure losses. First, the very large contraction

in area from the tundish floor to the UTN inlet causes: ∆PL,tun which is discussed elsewhere [59].

Second and further down to the UTN is the pressure loss, ∆PL,cont, due to contraction of area from

AUTNr (upper UTN surface area [m2]) to AUTNa (UTN inlet surface area [m2]) [41]:

∆PL,Cont =
1

2
ρmV 2

UTNa(0.42(1−
AUTNa

n×AUTNr
)) (4.38)

Where VUTNa is fluid velocity at UTN entry [ms ], and n is the number of tundish nozzles (casters) where

flow exits the tundish bottom.

Thirdly, ∆PL,two accounts for the pressure drop due to possible argon gas injection, discussed elsewhere

[59].

Finally, the most important pressure drop is caused by the contraction in area from the UTN entry

AUTNa to minimum gap area Agap:

∆PL,stopper =
1

2
χρmV 2

3 (4.39)

where χ is defined as [43]:

χ =(
1

µ
− 1)2 (4.40)
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and µ is Weisbach contraction coefficient [43]:

µ = 0.63 + 0.37(
Agap

AUTNa
)3 (4.41)

where V3 is the fluid velocity in the minimum gap (point 3) [ms ]. It is important to note that if the

stopper-rod position is high enough that Agap > AUTNa, then the pressure loss caused by the stopper-rod

becomes negligible, and only the first 3 pressure losses are present in this region.

4.2.3.3 Gap Expansion Region (Points 3 to 4)

The expansion region from points 3 to 4, is shown in Figure 4.4. Again, the hydrostatic pressure drop is

negligible, so the pressure drop in this region, ∆PL,exp, is the expansion component of the diffuser

expression [77], and is calculated from:

∆PL,exp =
1

2
κρmV 2

3 (1−
Agap

AUTNa
)2 (4.42)

where κ is diffuser pressure loss constant which is chosen as 0.35 [77]. It is very important to note that in

case Agap > AUTNa, not only ∆PL,stopper becomes zero, but also ∆PL,exp is equal to zero (since V3 =

VUTNa). In this case, there is no pressure loss between point 3 and 4, leading to P3 = P4.

4.2.3.4 UTN Region (Points 4 to 5)

Between points 4 and 5 inside the UTN, there are two pressure losses: 1) ∆PLf,4−5, due to wall friction,

and 2) ∆PL,UTN , due to UTN wall tapering. The wall friction loss, ∆PLf,4−5
, is defined as:

∆PLf,4−5 =
1

8
ρmfUTN [V 2

UTNaLUTN
(DUTNa +DUTNb)(D

2
UTNa +D2

UTNb)

D4
UTNb

] (4.43)

where fUTN is the friction factor [59] in the UTN region, LUTN is the UTN length [m], DUTNa and

DUTNb are the UTN diameters at entry and exit [m], and VUTNa is the corresponding flow velocity at

UTN entry [ms ]. A derivation for this equation (tapered pipes) is provided elsewhere [59].

The UTN wall tapering term, ∆PL,UTN , [Pa], is due to gradual contraction or expansion if the UTN

and is defined [59] as follows:

If DUTNa < DUTNb (gradual expansion)

∆PL,UTN =
1

4
ρmV 2

UTNa(2.6 sin(
θ

2
))(1− AUTNa

AUTNb
)2 0 < θ <

π

4
(4.44)

∆PL,UTN =
1

4
ρmV 2

UTNa(1−
AUTNa

AUTNb
)2

π

4
< θ <

π

2
(4.45)
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If DUTNa ≥ DUTNb (gradual contraction)

∆PL,UTN =
1

4
ρmV 2

UTNb(1.6 sin(
θ

2
))(1− AUTNb

AUTNa
) 0 < θ <

π

4
(4.46)

∆PL,UTN =
1

4
ρmV 2

UTNb

√
sin(

θ

2
)(1− AUTNb

AUTNa
)

π

4
< θ <

π

2
(4.47)

where θ = 2arctan|DUTNa−DUTNb

2LUTN
| [rad], VUTNb is the velocity at UTN exit [ms ], and AUTNa and AUTNb

are the corresponding area at UTN entry and exit [m2]. Also, note that according to Figure 4.5,

VUTNb = VUSENa (velocity at upper SEN entry [ms ]).

4.2.3.5 Upper SEN Region (Points 5 to 6)

In this potentially tapered region between point 5 and point 6, two pressure loss terms are considered.

The first term, ∆PLf,5−6, the wall friction pressure loss [Pa], is similar to Equation 4.43 replacing VUTNa

with VUSENa. Additionally, LUTN is changed to LUSEN (upper SEN length [m]). Finally, DUTNa and

DUTNb are replaced with DUSENa and DUSENb (upper SEN entry and exit diameter [m]), respectively.

The next term, ∆PL,USEN , is the pressure loss due to gradual contraction or expansion in the upper

SEN region [Pa]. For gradual expansion, the expression is the same as Equation 4.44 or Equation 4.45

changing VUTNa to VUSENa and replacing AUTNa with AUSENa (upper SEN entry area [m2]), and AUTNb

with AUSENb (upper SEN exit area [m2]). In case of gradual contraction, the expression is the same as

Equation 4.46 or Equation 4.47 changing VUTNb to VUSENb.

4.2.3.6 Lower SEN Tapered Region (Points 6 to 7)

The lower SEN has two pressure loss terms. Firstly, ∆PLf,6−7, the wall friction between points 6 and 7

[Pa], is similar to Equation 4.43 with appropriate changes for the velocity, replacing VUTNa with VUSENb

[ms ]. For the (potentially) tapered SEN length, replacing LUTN with LtSEN [m], for upper SEN exit

diameter, replacing DUTNa with DUSENb, for SEN entry diameter, replacing DUTNb with DSENa, and for

the wall friction factor, replacing fUTN with fSEN .

Secondly is a pressure loss caused by possible taper in the tapered region of the lower SEN, ∆PL,tap

which is the same as Equation 4.44 and Equation 4.45 or Equation 4.46 and Equation 4.47 with

appropriate changes in velocity, VUTNb to VSENa, as fluid velocity at lower SEN entry, or VUTNa to

VUSENb (in case of gradual contraction or expansion, respectively). For both gradual expansion and

contraction, AUTNa is replaced with AUSENb, and AUTNb with ASENa, as SEN entry area [m2].
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4.2.3.7 Lower SEN to Port Region (Points 7 to 8)

Similar to lower SEN tapered region, there are two pressure loss terms between points 7 and 8. The

first term is due to wall friction, ∆PLf,7−8, and is similar to Equation 4.43, with appropriate changes for

the velocity, replacing VUTNa with VSENa [ms ]. For the (potentially) tapered lower SEN length, replacing

LUTN with LSEN [m], for SEN entry diameter, replacing DUTNa with DSENa, for SEN exit diameter,

replacing DUTNb with DSENb, and for the wall friction factor, replacing fUTN with fSEN .

The second pressure loss term is the pressure loss for the possible taper in lower SEN region, ∆PL,lSEN ,

which is the same as Equation 4.44 and Equation 4.45 or Equation 4.46 and Equation 4.47 with

appropriate changes in velocity, VUTNb to VSENb, liquid velocity at the exit of lower SEN region, or VUTNa

to VSENa [ms ] (in case of gradual contraction or expansion, respectively). Finally for both cases (gradual

expansion and contraction), AUTNa is replaced with ASENa as SEN entry area [m2], and AUTNb with

ASENb as SEN exit area [m2].

4.2.3.8 Port Region (Points 8 to 9)

In the port region, between points 8 and 9, there are three pressure loss terms: ∆PL,port, ∆PL,tee, and

∆PC,port. The first pressure loss, ∆PL,port, is due to sudden contraction between the lower SEN and the

port [Pa], and is defined as [4]:

∆PL,port =
1

2
ρmV 2

SENb(1−
ASENa

2Aport
)2 ASENb > 2Aport (4.48)

∆PL,port =0 ASENb ≤ 2Aport (4.49)

where Aport is port cross-section area [m2].

The second pressure drop, ∆PL,tee, is due to the change of the flow direction [6] [Pa], and is defined as:

∆PL,tee =
1

2
ρmKV 2

SENb (4.50)

where K is the port loss constant, which defaults to 0.2 [59], but can be changed in Settings menu.

The third pressure loss in the port region is due to clogging:

∆PC,port =
1

2
ρmCportKV 2

port (4.51)

where Vport is fluid velocity through the port [ms ], and Cport is the port clogging constant, which can be

input (in the Settings menu) or left blank (to default to 1).
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4.2.4 Incorporation of Clogging

As shown in Figure 4.5, possible clogging can be defined at several different places. In the port region, a

clogging coefficient is considered [59]. Elsewhere, (tundish floor opening, UTN, upper SEN, tapered SEN,

and lower SEN), clogging is specified by a reduction in the diameter of that nozzle portion. Similarly,

erosion, such as caused by Ca-treated steel in an alumina nozzle is specified by an increased diameter. The

methodology to account for clogging in the stopper-rod flow delivery system is similar to the one used in

PFSG and is discussed elsewhere [59].

4.2.5 Model Solution Procedure

For a given set of geometrical inputs and casting conditions, the 10 fully-coupled pressure energy

equations, Equation 4.2 to 4.11, defined previously, are solved simultaneously using the implicit solver,

FSOLVE, in MATLAB [39], for exactly one missing user-selected casting condition input. FSOLVE uses, as

default, Dogleg method for solution in which the maximum number of iterations and function evaluations

allowed are 400 and 100, respectively [39]. Also, the termination tolerance for the function value and the

termination tolerance for x (unknown) is set to be 10−32. This solver ensures the error in the total energy

balance is as close as possible to zero. This is quantified by the difference between pressure calculated at

point 2 (tundish bottom) and the hydrostatic pressure calculated at the tundish bottom (Equation 4.2),

which happens to be the largest magnitude pressure in the stopper-rod system (Equation 4.2). The

associated error, F1, is defined then as:

F1 = P2 − ρLgh1−2 (4.52)

This means that FSOLVE solves for the value of the user-defined unknown (casting conditions,

geometrical input, or clogging) in order to ensure the pressure at point 1 is as close as possible to zero

gauge pressure. After convergence, this solution error is very small, on the order of 10−12 kJ
m3 (10−10%).

The entire model runs in less than 10 s on a personal computer and the energy balance error lies within

10−3 kJ
m3 . It is important to note that in case all inputs (geometrical and casting conditions) are given by

the user, no iteration with FSOLVE is needed then the model simply and very quickly only outputs the

error associated with the energy balance.

4.2.6 PFSR Inputs and Outputs

Two different sets of data are input to the PFSR model: 1) nozzle geometry (dimensions) and 2) casting

conditions. Input data for 4 case studies where plant measurements are available are given in Table 4.1.
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Table 4.1 Nozzle dimensions and plant casting conditions studied in this chapter

Dimension/Condition Nozzle 1 Nozzle 2 Nozzle 3 Nozzle 4

UTN entry diameter [mm] 31.5 59 75 80
UTN length [mm] 153.4 70 350 150
UTN exit diameter [mm] 35.1 59 70 80
SEN bore diameter [mm] 35.1 59 70 85
SEN length [mm] 247.2 363.5 712 1054
Port height [mm] 81 110 100 140
Port angle (down) [deg] [mm] 15 15 15 15
Stopper-rod opening hsro [mm] 3 4.6 Varying Varying
Tundish height hTUN [mm] 272 274 1067 800
Casting speed Vc[

m
min ] 0.72 0.75 Varying Varying

Argon gas flow rate [SLPM ] 0 0 0 0
Submergence depth [mm] 82.5 110 178 148
Slab width [mm] × thickness [mm] 1524×76 1124×147 1500×300 1300×70

Fluid density [ kgm3 ] 1000 1000 1000, 7000 7000
Transition Reynolds number [6] 4000 4000 4000 4000
Clogging 0(everywhere) 0(everywhere) 0(everywhere) 0(everywhere)

An example of the PFSR user interface, with input data conditions for Case 2, is shown in Figure 4.5.

Argon gas flow rate is input to PFSR at standard temperature and pressure conditions Patm = 101kPa and

Tamb = 298K. This gas is assumed to heat up to the molten steel temperature of 1823 K exactly at the

time of injection. The dynamic viscosity of the fluid is set at 0.001 and 0.0063 Pa.s for water and molten

steel, respectively.
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Figure 4.5 PFSR V.2.1 user interface showing input data for Nozzle 2 conditions.

The first output of PFSR is a pressure distribution plot, such as shown in Figure 4.6(a) (in page 60) .

This plot shows the gauge pressure at the 10 different points in the system, arranged vertically. The second

output is a plot of system flow rate as a function of stopper-rod opening (shown in Figure 4.6(b)). PFSR

also outputs the total energy balance error (kJ/m3) in the calculation.

The ability to conduct parametric studies is an important feature of PFSR. This is typically done to

investigate the effect of changing a casting condition or geometrical input. Given complete geometry data

and all other casting conditions, if a single casting condition (or a clogging size parameter, given

in Figure 4.5) is unknown, PFSR calculates its value. This “inverse model” feature, also included in PFSG

[59], enables realistic, industry-relevant parametric studies. Before that, the model should be calibrated for

a given plant, which is relatively easy to accomplish.

PFSR V.1 using FSOLVE, inverse-capability of parametric study, generated the two graphs and output

file of useful information. It also included the Settings menu to customize clogging at different places inside

the nozzle, absolute roughness in UTN and SEN, pressure loss constant at stopper-rod region and port,

fluid density (in case the water model is required to be analyzed), number of nozzles exiting the tundish

bottom, and the transition Reynolds number for turbulence. PFSR V.2.1 has variable argon gas flow rate

inside the UTN, stopper-rod gap, and SEN according to the local pressures when solving Equation 4.14.
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Figure 4.6 Results for Nozzle 2 (PFSR V.2.1) (a) pressure distribution (b) flow rate.

This enabled incorporating the mixture density, which is highly coupled. The value of any one of 6

missing casting conditions (Main window) or any one of 6 missing Clogging values or the stopper-rod

Pressure Drop Constant (Settings Menu) may be left blank (unknown), shown in Figure 4.5, and solved by

PFSR.

4.3 Model Verification and Validation

To verify and validate PFSR, pressure distribution predictions of the model are compared with CFD

simulations and available data from four different sets of plant measurements and water model

experiments. The system geometries and flow conditions of the different data sets are given in Table 4.1.

4.3.1 Verification of PFSR with CFD Simulations

A three-dimensional (3D) finite-volume CFD model was employed to calculate velocity and pressure

fields in several stopper-rod nozzle flow systems during continuous casting, for both water model and real

steel caster cases. The Eulerian domain includes a portion of the tundish floor, the stopper-rod, UTN, and

SEN nozzle interiors. The following continuity and momentum equations were solved with a

Reynolds-Averaged Navier-Stokes (RANS) standard k − ϵ model for steady-state flow.

∂

∂xi
(ρui) = 0 (4.53)

∂

∂t
(ρui) +

∂

∂xj
(ρuiuj) = −∂p∗

∂xi
+

∂

∂xj
[(µ+ µt)(

∂ui

∂xj
+

∂uj

∂xi
)] (4.54)
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where ρ is fluid density [ kgm3 ] and ui is velocity in the 3 coordinate directions [ms ], p
∗ is modified

pressure (p∗ = p+ 2
3ρkr) [Pa], p is gauge static pressure [Pa], kr is an unknown residual kinetic energy

[m
2

s2 ], µ is dynamic viscosity of the fluid [Pa.s], and µt is turbulent viscosity [Pa.s] . The details on the

calculations of turbulent viscosity, turbulent kinetic energy (k), turbulent dissipation rate (ϵ) and the

boundary condition assignments are explained previously [59]. The initial condition, element type and size,

solver, and convergence criteria are similar to those used in previous work [59] and is solved using Ansys

Fluent [48]. Predictions from this CFD model are compared with PFSR model calculations, as well as

water model and plant model measurements when available.

4.3.2 Verification and Validation of PFSR with Water Model 1 Data

The new PFSR model is first verified with CFD simulations and validated with measurements at Plant

1 for the conditions and geometry of Nozzle 1 given in Table 4.1. Pressure distributions predicted by PFSR

with a 2.8 mm stopper-rod opening are compared with 3D CFD simulation profiles in Figure 4.7.

Figure 4.7 Pressure distributions verification of PFSR with CFD simulation for Nozzle 1 conditions at 2.8
mm.
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To validate the PFSR model, its predictions are compared with plant measurements of the liquid levels

in the tundish and mold for the given system geometry. Casting conditions include a stopper opening of 3

mm and tundish height of 272 mm. The results, shown in Figure 4.8, match very well with the plant data.

Figure 4.8 Pressure distribution validation of PFSR with measurements for Nozzle 1 conditions.
.

4.3.3 Validation of PFSR with Water Model 2 Data

Next, PFSR model predictions are compared with measurements using the 0.6-scale water model of a

continuous slab caster with a stopper-rod control system housed at the Colorado School of Mines for

conditions in Table 4.1 for Nozzle 2. As shown in Figure 4.9, the predicted pressure distribution matches

fairly well with the water model pressure measurements. More specifically, the predictions match almost

exactly in the SEN. Agreement was not as close in the UTN, where turbulent recirculating flow was

observed.
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Figure 4.9 Pressure distributions validation of PFSR with experimental measurements for Nozzle 2
conditions.

.

4.3.4 Verification of PFSR with Water Model 3 and Plant 3 Data

Finally, PFSR predictions are verified and validated with both water model and plant measurements

[36] for Nozzle 3 conditions. Water model 3 is a full 1:1 scale model of the Plant 3 geometry and all of the

casting conditions are the same, given in Table 4.1. Stopper-rod opening was 10 mm. Figure 4.10 compares

the pressure distribution calculated by PFSR with that of a 3D computational model with Fluent, using

the k − ω shear-stress transport (k − ω SST) turbulence model [36]. The PFSR predictions match fairly

well with the CFD simulations. In addition, Figure 4.10 shows that PFSR matches better with water

model experimental measurements [36] rather do the CFD simulation results [36].
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Figure 4.10 PFSR verification and validation with Nozzle 3 water model conditions.

Pressure predictions from PFSR and the CFD model are next compared in Figure 4.11 for the Plant 3

(Nozzle 3) casting conditions, with 10 mm stopper-rod opening. The PFSR model predictions match fairly

well with the CFD simulations. In addition, the water model measurements are scaled to estimate pressure

in the steel caster (real caster measurements of pressure were not available), by multiplying the steel/water

density ratio of 7. Again, the two simulations match reasonably with each other and with the scaled

measurements, which again verifies the model.

Note that in both PFSR and the CFD models, the minimum pressure, which occurs in the gap, is more

negative than the minimum possible gauge pressure of -101.325 kPa for a perfect vacuum. This means that

this predicted pressure is non-physical, that both models are incorrect, and that other phenomena must be

introduced to correct the problem.
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Figure 4.11 PFSR verification with Nozzle 3 plant conditions (10 mm stopper opening).

Finally, the PFSR and CFD model predictions [36] of the flow rate variation with stopper-rod vertical

position are compared in Figure 4.12 with the water model 3 measurements (again scaled 7-fold) and with

actual measurements in the plant 3 steel caster.

As expected, the PFSR predictions match well with those of the CFD simulation and with the scaled

water model 3 measurements. However, the real plant measurements disagree with all three of these sets of

data. Even the full-scale water model measurements disagree with the plant 3 measurements. The

minimum gauge pressures predicted by PFSR are less than -101 kPa (and therefore non-physical) for the

entire range of stopper-rod movement from 1 to 17mm. These findings agree exactly with the previous

work by Liu et al. [36]. They confirm that other phenomena must be included into to the model in order to

capture the flow and pressure behavior in the real steel plant for these conditions.
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Figure 4.12 PFSR flow prediction comparison with Plant 3, CFD simulation, and water model 3
measurements.

4.4 Other Phenomena in Stopper-rod Flow

Although PFSR V.2.1 has been verified with CFD simulations (both water model and steel plant) and

validated with water model experimental data, its minimum pressure prediction is unphysically low, (P

<-101.325 kPa), for steel caster plant 3. As discussed in the previous section, CFD simulations and water

model measurements have the same problem. This serious problem arises because there are physical

phenomena left out of these models. This section introduces two new phenomena into the model system to

overcome this problem: 1) non-primed flow/waterfall behavior and 2) cavitation. Each of these phenomena

will be introduced, followed by introduction of a new methodology to implement them into PFSR.

4.4.1 Primed vs Non-Primed Flow

Two different types of flow are possible in stopper-rod nozzles with or without argon gas injection

[78, 79]. The first, illustrated in Figure 4.13(a), is “primed flow” where any gas in the system, such as

injected or introduced via refractory leaks, generates “bubbly flow”, where there is continuous fluid or
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fluid/gas mixture phase in the system and no air pockets. Primed flow is able to sustain pressure drops,

according to Equation 4.1.

The second flow type is “non-primed” flow, or slug flow, which involves large air pockets. When argon

gas is injected through the stopper tip, the non-primed flow is called “annular” flow, where molten steel

enters the upper UTN through the annular-shaped gap and then flows down along the nozzle walls, while

argon gas fills the center of the nozzle cross section [79]. As shown in Figure 4.13(b), large air pockets form

beneath the stopper top in the central region of the nozzle, which move chaotically with the turbulent flow.

Non-primed or annular flow tends to be very unstable and periodic [79], which likely leads to subsequent

problems in mold flow and surface quality problems. Other gas sources include argon injection at other

locations, leakage through joints or cracks in the refractory, or even degassing of elements such as carbon in

the molten steel due to the very low pressure in the gap, cavitation [80]. Non-primed flow can occur along

the entire length of the nozzle, depending on the flow conditions. It is most common in local portions of

the nozzle, especially near the stopper tip, where pressure is lowest. It typically transitions to continuous

bubbly flow part way down the nozzle, often at a sharp interface, which may wander around. Non-primed

flow cannot sustain a pressure change over some vertical distance, as it contains a continuous gas phase

which quickly flows to alter its shape and maintain a roughly constant pressure within the non-primed

volume. This behavior is now implemented into the PFSR model as a new phenomenon.

Figure 4.13 Schematic of (a) primed and (b) non-primed flow in stopper-rod systems.
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4.4.2 Cavitation

A second possible explanation for the unphysically low-pressure predictions is neglecting the

phenomenon of gas cavitation. As the local pressure decreases to become very low, dissolved gases in a

liquid will exceed their solubility limits [74, 80] to nucleate bubbles in the lowest pressure regions of a flow

system [74]. In molten steel, dissolved gases, such as nitrogen, hydrogen, and carbon monoxide, may form

gas bubbles near the stopper-rod (point 3 in Figure 4.16) if their solubility limits are exceeded. This may

occur in the lowest pressure regions, such as the lower portion of the narrow gap between the stopper-rod

and the tundish floor. These evolved gas bubbles then may expand in these low-pressure regions, to take

up space, causing the stopper-rod opening to increase, (such as observed in Figure 4.12). The cavitated

bubbles likely re-dissolve lower inside the UTN or SEN, where the pressure increases. This re-dissolution

step often occurs as a sudden collapse, which may cause erosion of adjacent surfaces [80], but this behavior

was not investigated here.

4.4.2.1 Solubility of Gases in Liquid Steel

Solubility of the gasses like nitrogen, hydrogen, and carbon monoxide in molten steel is governed by

Sieverts’ law [81], which is expressed as:

k =
C2

g

Pg
(4.55)

where Cg is the concentration of atomic gas dissolved in the molten metal [ gsolute

gsolution
], and Pg is partial

pressure of that gas inside the bubble in equilibrium with the adjacent solution [Pa]. The equilibrium

constant for the reaction from dissolved gas to nucleated gas bubble, k, depends on temperature and

activation energy according to the classic Arehnius relation [82]:

k = A exp(− Ea

RT
) (4.56)

where A is a fitted constant, Ea is the activation energy [J/mole], R is the universal gas constant

[8.314 J
moleK ] [83], and T is the absolute temperature [K]. Combining Equation 4.55 into Equation 4.56 and

rearranging gives:

logCg = − A
′

T
+B +

1

2
logPg (4.57)

where A
′
and B are empirical constants for a given gas dissolved in a given medium [84–86]. For the case

of nitrogen gas dissolved in molten steel, Equation 4.56 is [84]:
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log(CN ) = − 255.6

T
− 1.26 +

1

2
logPN2 (4.58)

where CN is dissolved atomic nitrogen concentration given in the molten steel [ppm], and PN2 is the partial

pressure of nitrogen [Pa].

Similarly, for hydrogen [87]:

logCH = − 1905

T
− 1.591 +

1

2
logPH2 (4.59)

where CH is hydrogen dissolved concentration in [ppm], and PH2 is partial pressure of hydrogen in [Pa].

Figure 4.14 shows how the maximum concentrations of nitrogen and hydrogen that can dissolve in the

molten steel varies with the partial pressure of the gases at different temperatures.

Figure 4.14 Gas solubility in molten steel at different temperatures of (a) Nitrogen (b) Hydrogen [84, 87].

4.4.2.2 Variation of Gas/Steel Flow Rate with Pressure at Different Gas Contents

Knowing the solubility equations in the previous section and the local pressure, the amount of gas

cavitated into bubbles, Cg,cav, can be calculated from the total (original) dissolved gas content of the steel

(Cg,total), and the remaining (equilibrium) dissolved gas (Cg,diss), from the mass balance:

Cg,cav = Cg,total − Cg,diss (4.60)
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The cavitated gas, Cg,cav, can become nonzero only upon super saturation, when the pressure drops

sufficiently that the total dissolved gas content exceeds the equilibrium content from Equation 4.56, so

Pg,diss = Pg,cav = P3 [Pa], (assuming only one supersaturated gas in the system). The above equations

also require the neglect of nucleation kinetics.

The volumetric flow rate of cavitated gas, V̇g, is then calculated from the ideal gas law [83]:

V̇g =
RTṁg

MgPg,diss
(4.61)

where ṁg is cavitated gas flow rate in [kgs ], and Mg is the cavitated gas molar mass [ kg
mole ], found from:

ṁg = ṁsteelCg,cav (4.62)

in which:

ṁsteel = ρsteelV̇steel (4.63)

where ṁsteel is molten steel mass flow rate in [kgs ], ρsteel molten steel density in [ kgm3 ], and V̇steel molten

steel volumetric flow rate in [m
3

s ]. Substituting Equation 4.62 and 4.63 into Equation 4.61:

V̇g =
RTρsteelV̇steelCg,cav

MgPg,diss
(4.64)

Finally the flow rate ratio, r, of cavitated gas and total flow rate in the system, is:

r =
V̇g

V̇g + V̇steel

(4.65)

The flow rate ratios calculated with Equation 4.65 for both nitrogen and hydrogen are plotted

in Figure 4.15 as a function of local pressure at 1550oC for different initial gas contents.

Figure 4.15 shows that above the critical pressure, cavitation flow rate is naturally zero for all curves

(scenarios) plotted. As an example for 10 ppm nitrogen, the absolute pressure in Figure 4.15(a) must drop

below the small value of 0.06 kPa to allow any cavitation. This figure also suggests that flow rate likely

becomes unstable near the critical pressure, owing to the significant increase in gas flow over a very narrow

pressure range. In all six scenarios, as soon as the pressure drops below the critical pressure, the flow rate

ratio approaches 100 pct, so almost all of the gap area is filled with nitrogen or hydrogen. This would

require the stopper-rod to lift suddenly to maintain the liquid steel flow rate, with accompanying unstable

flow and quality problems.
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Figure 4.15 Variation of the cavitated gas flow rate with the pressure at different total gas contents at
1550oC for (a)nitrogen (b)hydrogen.

4.4.3 Non-primed Flow/Cavitation Methodology

To incorporate the non-primed flow and cavitation phenomena described in the previous section

(assuming only nitrogen as a cavitated gas in the system), a new version of the model, PFSR V.3.0, is

introduced. Thus, in cases where PFSR V.2.1 predicts pressure at point 3 below -101.325 kPa, steps are

taken to correct the problem, by introducing cavitation, non-primed flow, or both.

First, to introduce cavitation, Equation 4.58 is applied to calculate the equilibrium critical partial

pressure of the given gas (e.g. nitrogen) at the given initial gas content in the steel:

PN2 = (
CN,total

10(−1.26− 255.6
T )

)2 (4.66)

where CN,total is the total dissolved content of nitrogen in molten steel before cavitation [ppm].

Next, a small amount of cavitation is introduced by fixing the minimum pressure (point 3) to slightly

below the critical pressure, and the new gas equilibrium pressure, cavitated gas pressure or Pcav in [Pa], is

calculated:

Pcav = PN2
− px[Pa] (4.67)

where ”px” [Pa] is the small pressure increase from the actual cavitated pressure to the critical pressure

where the dissolved gas is at equilibrium and starts to evolve.

Having the cavitation pressure, the still-dissolved content of the nitrogen with the new pressure, Pcav, is

calculated using Equation 4.58 replacing CN with CN,diss, still-dissolved content of nitrogen in molten

steel, and also replacing PN2
with Pcav in the equation.
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Now the cavitated amount of gas can be calculated using Equation 4.60. Then using Equation 4.64 and

Equation 4.65, the cavitated gas flow rate, ˙VN2
, and the flow rate ratio, r, are determined.

The two variables estimated so far from the calculations are Pcav and r. Pcav is used to ensure the

pressure at minimum gap, P3, does not reach below its value. The flow rate ratio is used to make sure the

area increases in the minimum gap due to cavitated gas that ultimately causes the stopper-rod to lift up

and maintain the flow rate.

Now, the simplified non-primed/cavitation methodology can describe the pressure distribution in

annular/slug flow conditions, as shown in Figure 4.13(b) in the stopper-rod system. The governing

equations, the Bernoulli energy-balance approach, is almost the same as PFSR V.2.1 (Equation 4.2 to 4.11)

and is developed for the 10 points shown in Figure 4.16.

Figure 4.16 Schematic of the non-primed flow methodology.

There are, however several changes: 1) liquid density is used everywhere except in the gap, where due

to cavitation and no argon gas injection, it is a mixture density, 2) at point 4 the maximum expansion of

the flow occurs, 3) the pressure at point 5 is equal to the pressure at point 4 for the non-primed/cavitation

methodology, due to the continuous gas phase in this region, which can quickly maintain a uniform

pressure, and 4) since the pressure at point 5 and 4 must be equal and using the Bernoulli’s equation, V5 is

calculated as:

V5 =
√
V 2
4 + 2ghair (4.68)
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in which hair is the air pocket height in [m] formed due to gas leakage (in the current work, although

bubble coalescence is another mechanism in systems with argon injection) in the system and is calculated

as an output along with the velocity at point 4, cavitation pressure, and other 10 pressures using the

non-primed/cavitation flow model. All the 13 equations are solved simultaneously using FSOLVE with the

two constraint equations, error of which must be very close to zero. The First one is the same as Equation

4.52 (which assures the pressure at point 1, P1, is zero). The second one ensures that the minimum

pressure in the gap at point 3, P3, is the same as Pcav of the cavitated gas, and is define as follows:

F2 = P4 −
1

2
ρmV 2

3 +
1

2
ρmV 2

UTNa +∆PL,exp − Pcav (4.69)

4.4.4 Solution procedure

Now that the non-primed/cavitation methodology is introduced, the solution procedure is explained for

a general case and in the following section the application of PFSR V.3.0 is investigated for two special

cases. FSOLVE for a general case, simultaneously solves 12 equations, which include 10 pressure equations

(one for each of the 10 points) and two constraint equations: F(1) and F(2) = 0, involving 14 unknowns

(the usual one missing casting condition, 10 pressure values for the 10 points, air pocket height, fluid

velocity at point 4, and the cavitation pressure). To start the solution procedure, initial guesses are

provided for the air pocket height, the velocity at point 4, and the cavitation pressure, which is achieved by

making an initial guess for px and evaluating Equation 4.67. Having 14 unknowns and 12 equations means

that to find a unique solution, there are two extra degrees of freedom to specify. Thus, the user must also

provide any two from the following list of choices: the missing casting condition (so that all casting

conditions are provided), air pocket height, velocity at point 4, cavitation pressure, or any other pressure in

the system (ie. Pressure at points 2,5-9, such as from plant measurements).

4.4.5 Application of Non-primed Flow/Cavitation Model

The new PFSR V.3.0 with non-primed flow and cavitation was tested with plant measurements for the

conditions of Nozzle 3 and 4, given in Table 4.1. Also, based on previous literature [88], a reasonable total

nitrogen concentration in molten steel of 40 ppm is assumed for the initial dissolved concentration of

nitrogen in the simulations.

Figure 4.17 shows the pressure distribution prediction of PFSR V.3.0 for Nozzle 3 conditions. Based on

the real caster measurements [36] the back pressure is known to be -79 kPa, which is most likely to be

measured in the air pocket region where pressure is relatively uniform. This provides one of the two extra

equations required in this model. In order to force the pressure at point 4 to have the above value, the
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error in the following constraint equation must be very close to zero, in addition to constraint Equation

4.52 and 4.69, and is defined as follows:

F3 = P4 + 79000 (4.70)

Additionally, the second extra equation needed is the stopper-rod opening distance, which was also

measured at the plant. Knowing this parameter, the Nozzle 3 case has a unique solution, 14 equations and

14 unknowns, which is shown in Figure 4.17 for 3 different stopper-rod openings. In this way, the model is

calibrated to match the stopper rod opening distance measured at the plant.

Figure 4.17 Pressure distribution for different openings using non-primed flow/cavitation methodology
(PFSR V.3.0 Nozzle 3 conditions).

Furthermore, flow rate relation with stopper-rod opening for nozzle 3 using PFSR V.3.0 is shown

in Figure 4.18. It can be seen from the figure that using the combination method seems to capture

additional physics, specifically the cavitation and the air pocket height.
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Figure 4.18 Flow rate-stopper-rod relation prediction of non-primed/cavitation methodology -Nozzle 3.

In the case of Nozzle 4, we have measurements to satisfy only one of two extra equations needed, which

are the measured stopper rod openings for each flow rate (giving 13 equations and 14 unknowns). So, there

is still one degree of freedom needed for the solution. As an example for the stopper rod opening of 1 mm

(and 0.28 tonne/min), the air pocket height is treated as a known parameter to generate unique solutions,

while calculating the other unknowns: velocity at point 4, cavitation pressure, and the 10 pressures. Four

possible pressure distributions are shown in Figure 4.19.

Figure 4.19 Pressure distribution comparison of different solutions for [1 mm stopper-rod opening, 0.28
tonne/min flow rate] using non-primed/cavitation flow methodology (PFSR V.3.0) -Nozzle 4 conditions.

According to Figure 4.19, there is a potential solution with virtually zero air pocket height (i.e. only

cavitation). At the other extreme, the maximum air pocket height possible is 978 mm. Finally, for all four

cases the amount of cavitation (and the minimum pressure, P3) is constant, which are 6.38×10−4 m3/s,
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and -101.201 kPa, respectively. Again, due to calibration of PFSR V.3.0, the predicted stopper-rod

openings along with their flow rate exactly match with experimental data (measured stopper-rod opening

and flow rate) as shown in Figure 4.20.

Figure 4.20 Pressure distribution comparison for different stopper-rod openings using
non-primed/cavitation Flow methodology (PFSR V.3.0) -Nozzle 4.

Similar to nozzle 3, Figure 4.21 illustrates flow rate stopper-rod relation comparison of PFSR V.3.0

with the calibrated stopper-rod opening with flow rate measurements based on casting speed and section

size in a commercial caster for nozzle 4. It is shown that an exact match can be reached using the

combined model.

Figure 4.21 Flow rate-stopper-rod relation validation non-primed/cavitation methodology (PFSR V.3.0)
-Nozzle 4.
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Based on the results illustrated in this section, it seems obvious to conclude that there is certainly

cavitation in the gap region of commercial casters. In addition, there is likely a significant air pocket, for

most casting conditions. This is a significant finding emphasizing on the importance of the PFSR V.3.0

application to understand the behavior of the fluid flow in commercial casters.

4.5 Conclusion

This chapter presents a new, standalone, user-friendly MATLAB-based graphical user interface

program, Pressure-drop and Flow-rate in stopper-rod systems (PFSR). The new model solves a

one-dimensional system of Bernoulli equations for the pressure distribution and flow rate in stopper-rod

nozzle systems for argon-molten steel flow systems including argon gas expansion (varies locally with

pressure). The PFSR V.2.1 model has been verified with CFD simulations and validated with

measurements in both water models and commercial plant data for steel continuous casters. The maximum

error associated with the validation cases is approximately 8 pct.

To overcome non-physical predictions for some situations in real steel casters, an improved version of

PFSR, V.3.0, is introduced, which includes the phenomena of non-primed flow and cavitation. This

methodology introduces two degrees of freedom and in order to get a solution, two other variables must be

fixed. The two variables can be chosen from the list below However if two of the below choices are given

PFSR V.3.0 is able to yield to a unique solution:

• Air pocket height

• Velocity at maximum expansion point after minimum gap area

• Cavitation pressure

• Any measured (in the plant) pressure

• Any one of the casting conditions

Fixing one (or more) variable according to a plant measurements and running parametric studies on the

other variable (if needed) to explore the solution space is a reasonable way to apply the current model, as

demonstrated here. As for two special cases, PFSR V.3.0 is applied to capture the real physics in the plant.

It is observed that in one of the cases (Nozzle 3) a unique solution is possible. However for Nozzle 4 case,

still there is one degree of freedom for the solution.

Finally, cavitation is proven to be a phenomena that is certainly happening in commercial casters along

with the possibility of the air pocket formation in some portion of the nozzle. This model system is ready

to apply in future work to investigate pressure drops and flow rates in many real continuous casting
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systems with stopper-rod flow control systems. Further work is needed when cavitation and/or non-primed

flow are present.

78



CHAPTER 5

THERMO-MECHANICAL BEHAVIOR OF SOLIDIFYING SHELL INSIDE THE MOLD AND THE

EFFECT OF TURBULENT FLOW ON THE GROWTH

Modified from a paper to be submitted to The Journal of Materials Processing Technology.

Hamed Olia15,16, Seong-Mook Cho17 , B. G. Thomas18,19

In this chapter, a transient two-dimensional (pseudo 1-D) model is introduced to include the effect of

turbulent flow on the thermo-mechanical behavior of the solidifying shell inside the mold in the continuous

casting of steel. The new model is able to predict the temperature distribution, shell growth, and

mechanical properties of the solidifying shell while the effect of superheat flux, which is delivered to the

solidification front from the mold fluid flow, is considered for the steel with different carbon contents. The

new method using which the thermo-mechanical properties are calculated is Enhanced Latent Heat of

fusion, ELH, and is applied as a subroutine to ABAQUS. After developing the model, the model is verified

and validated by the existing models and the experiments. Finally, a case study is conducted to investigate

the effect of the turbulent flow passing through clogged and non-clogged ports on the thermo-mechanical

behavior of the solidifying shell inside the mold. It is concluded that the mold heat flux plays a more

important role compared with the superheat flux on determining the thermo-mechanical behavior of

solidifying shell.

5.1 Introduction

One of the most exciting areas of the research has been solidification modeling in continuous casting of

steel. Characterization of the fluid flow and heat transfer, which are coupled phenomena is very important

in continuous casting of steel. The significance of the process is laid in the momentum of the flow leaving

the nozzle into the liquid steel mixed with the turbulent re-circulation zone caused by the thermal

buoyancy. The combined effect may influence the process by changing the solidification rate, slag

entrainment, shell thinning, etc. The earlier studies have been conducted on mathematical modelling of

simultaneous fluid flow and heat transfer in continuous casting. Szekely et al. [89] investigated the

interaction of heat and fluid flow in the continuous casting of steel in the mold. Based on the results, the

solidus line is not the function of the flow pattern in the molten steel, although the superheat effect is

15Graduate student at the Colorado School of Mines
16Primary researcher and author
17Assistant Professor at Department of Metallurgical Engineering, Pukyong National University
18Full Professor at the Colorado School of Mines
19Author for correspondence
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sensitive to the former. Szekely et al. [90] also developed a stream function-vorticity based model

procedure along with a simplified model of turbulence to calculate heat transfer and fluid flow in

continuous casting of steel. The results when compared with water model experiments showed good

quantitative agreement between the theory and experiments. On the other hand, there are some early

studies conducting only heat transfer analysis which included the effect of the turbulent flow. For example

Lait et al. [91] and Brimacombe [92], incorporated conduction-only heat transfer with a relatively larger

and effective thermal conductivity to account for the fluid flow inside the mold with which temperature

profiles and shell thickness are computed. However, later, it is shown that the assumption of the effective

conductivity is not accurate enough, at least not always. This is discussed and confirmed first by

Mazumdar et al. [93]. Additionally, Choudhari et al.[94] concluded that if the range of effective

conductivity exceeds a certain value, then the shell prediction is no longer accurate. If the value gets even

bigger in some cases the simulation does not even yield to any solidification formation inside the mold. The

mentioned problem caused the studies to be more focused toward the coupled simulation of fluid flow and

heat transfer. Lee et al. [95] using a fully coupled analysis of fluid flow, heat transfer, and deformation

behavior of a solidifying shell, tried to predict the crack formation in a continuously cast beam blank.

Through coupling Finite Volume Method (FVM) with Finite Element Analysis (FEA), they calculated the

heat flow between strand and the mold wall and could predict the shell development retardation (thinning)

due to the jet impingement which was matched by the experiment. Another similar study was conducted

by Tekeredzic et al. [96] to simultaneously predict the phase change, heat transfer, deformation, and stress

determination in solid, and liquid parts of the domain. The results also were verified and validated using

the existing analytical and experimental data, respectively. The similar investigations to the former two

studies, can still be both timely and costly challenging for the researchers. To address the mentioned

problem easier there are some studies aiming at solving for the thermal-fluid simulation first and then

applying the stress analysis [97–100]. Although, the literature is comprehensive, many researchers actually

did not consider the heat transfer shrinkage effect [101–105]. More recently, the issue is addressed in

studies done by Koric et al. [106] and Zappulla et al. [107]. The fluid flow simulation can be reasonably

decoupled from the thermal-stress analysis if one can estimate the liquid pool shape in advance [108].

Koric et al. [109] developed a user-defined thermal subroutine in ABAQUS [110] to account for the effect of

superheat flux on the heat transfer behavior of solidifying shell. The model can calculate the excess of

latent heat of fusion caused by the superheat flux for both low and high-velocity jet of the molten steel flow

inside the mold. However, the model is not able to evaluate the effect of superheat flux on the thermal

stress behavior of the solidifying shell. The model is only capable of handling constant heat transfer

properties and the effect of different carbon content is not considered in the model.
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This chapter investigates computational methods for solving heat conduction problems with

solidification that can include the effect of the fluid flow by a “superheat flux”. This work is the

continuation of the previous study [109]. The new model, built on the previous model [108], is able to use

temperature-dependent thermal and mechanical properties as well as the ability to study the grade effect.

The model presents a new FORTRAN-based ABAQUS subroutine to calculate the effect of the

superheat flux on heat transfer and thermo-mechanical stress and strain for both low and high-velocity jet

of the flow inside the mold and near the solidifying shell for the steel with temperature-dependent thermal

and mechanical properties. It is, then, verified with the existing models and validated with the

experimental data. Finally, a case study is conducted in which the effect of the asymmetric turbulent flow

caused by clogging in the port region is investigated on the thermo-mechanical behavior of a solidifying

shell.

5.2 Model Description

In this section the computational domain, heat transfer, fluid flow, and stress governing equations,

along with the solution procedures are described. To start with, the domain is assumed as a thin slice of

solidifying steel through the shell thickness inside the mold, similar to what is introduced in Zappulla et al.

[108], and is shown in Figure 5.1. The domain is considered to be far from the corners of the mold,

ensuring the accurate contact against the wall and uniform solidification [108].

Figure 5.1 Thin slice of solidifying steel representing the simulation domain.
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The Lagrangian approach is employed to the slice moving down the mold with a constant casting speed,

since the advection force is more dominant with respect to the axial heat conduction (Péclet number) [108].

The simulation is a 2-D (2 dimensional) transient (one-way) coupled heat transfer-stress analysis and in the

next subsections the governing equations along with the Enhanced Latent Heat, ELH, methodology are

explained in details.

5.2.1 Heat Transfer Model

A transient 2-D energy equation is solved in the heat transfer section of the model to determine the

temperature field of the domain as follows [108]:

ρ
∂H

∂t
=∇.(k∇T ) (5.1)

where ρ is the temperature-dependent density, H is temperature-dependent specific enthalpy in [ J
kg ], t is

time in [s], k is isotropic temperature-dependent heat conductivity in [ J
sKm ], and T is temperature in K.

5.2.1.1 Specific Enthalpy and Heat Capacity

The model utilizes the temperature-dependent function for calculating the specific enthalpy and heat

capacity, Cp, for each phase based on the study done by K. Harste [111]. For the liquid phase:

HL =824.6157T − 104642.3 + ∆HL
mix (5.2)

where:

∆HL
mix =18125(pctC) + 1966120

(pctC)2

43.839(pctC) + 1201.1
(5.3)

where pctC is the carbon weight percent for a specific steel. For δ-ferrite phase:

Hδ =0.08872T 2 + 441.3942T + 50882.26 (5.4)

Finally, for γ-austenite phase:

Hγ =0.0748901T 2 + 429.8495T + 93453.72 + ∆Hγ
mix (5.5)

where

∆Hγ
mix =36601(pctC) + 1907930

(pctC)2

43.839(pctC) + 1201.1
(5.6)

For the cases the phase is mixed, a weighted average is used according to the phase fractions [108]:
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∆H = fLHL + fδHδ + fγHγ (5.7)

where fL,fδ, and fγ are liquid, δ-ferrite, and γ-austenite phase fractions, respectively. The specific

enthalpy for a low carbon grade (0.045 pct) is plotted in Figure 5.2.

Figure 5.2 Variation of the specific enthalpy with temperature for low carbon (0.045 pct) steel.

It should be noted for specific heat, based on the definition, the equation for each phase is obtained by

making the derivation of the specific enthalpy with respect to temperature [108], and the rule of mixture is

also applied.

5.2.1.2 Thermal Conductivity

A thermal conductivity, k, graph which is a function of both temperature and carbon content is used in

the model [108]. For the liquid phase:

kL =39 (5.8)

For δ-ferrite phase:

kδ =(21.6 + 0.00835T (OC))(1− (F1(pctC
F2))) (5.9)
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where:

F1 =0.425− 0.0004385T (OC) (5.10)

F2 =0.209 + 0.00109T (OC) (5.11)

For γ-austenite phase:

kγ =20.14 + 0.00931T (OC) (5.12)

Similar to specific enthalpy case for the mixture phase case, a rule of mixture is used to calculate the

thermal conductivity. Figure 5.3 shows the variation of thermal conductivity with regard to the

temperature for a low carbon grade (0.045 pct) steel.

Figure 5.3 Variation of the thermal conductivity with temperature for low carbon (0.045 pct) steel.

5.2.1.3 Density

Like the cases for specific enthalpy and thermal conductivity, density in [ kgm3 ], is temperature and

carbon-content dependent [108]. For the liquid phase:

ρL =7100− 73.2(pctC)− (0.828− 0.0874(pctC))(T (OC)− 1550) (5.13)
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For δ-ferrite phase:

ρδ =
−0.4724T (OC) + 8010.71

(1− 0.01(pctC))(1 + 0.01343(pctC))3
(5.14)

For γ-austenite phase:

ργ =
−0.5091T (OC) + 8105.91

(1− 0.01(pctC))(1 + 0.008317(pctC))3
(5.15)

similarly, for the mixture phase, the rule of mixture is used to calculate the density of the mixture

and Figure 5.4 shows its variation as a function of temperature for low carbon steel.

Figure 5.4 Variation of the steel density with temperature for low carbon (0.045 pct) steel.

5.2.1.4 Thermal Linear Expansion

Next, the isotropic thermal linear expansion (TLE) is a function of density (which in turn is both

temperature and carbon content dependent) and is defined as [108]:

TLE = 3

√
ρ(T0)

ρ(T )
− 1 (5.16)

where ρ(T0) in the model is the density at reference temperature of 1780 K (1507 OC), and ρ(T ) is

evaluated based on the phase (or mixture of phases) defined above [108]. The variation of TLE with
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temperature is plotted for a low carbon steel and is depicted in Figure 5.5.

Figure 5.5 Variation of the steel TLE with temperature for low carbon (0.045 pct) steel.

5.2.2 Enhanced Latent Heat Method

In case there is superheat flux (whether a low or high-velocity jet, such as jet impingement case [109])

applied on the solidification front, its effect must be included to calculate the specific enthalpy of the

domain and the following steps must be taken [109]:

• Estimating the proportionality constant, ϕ, to find the location of the solidification front in the

domain using the following transcendental equation [109]:

(Tliq − Tsurf )Cp,s
√
π(Hf + ( q”

ρs
√
αsϕ

1√
t

))
=ϕ expϕ2erf(ϕ) (5.17)

where Tliq is liquidus temperature and Tsurf chilled surface temperature in K, Cp,s is solid steel

specific heat capacity in [ J
kgK ], Hf is latent heat of fusion in [ J

kg ] (will be explained later), q” is

superheat flux in [ J
sm2 ] (can be calculated for the low-velocity jet or be input for the high-velocity jet

as the result of the previous fluid flow simulation), ρs is solid steel density in [ kgm3 ], αs is solid steel

heat diffusivity in [m
2

s ], and ϕ is proportionality constant. It is important to note that all the ”solid

steel” properties are evaluated around the solidus temperature, Tsol. By solving the above equation

for ϕ, the next step is:
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• Estimating solidification front velocity using [109]:

v =
√
αsϕ

1√
t

(5.18)

having that, the model calculates the excess of the latent heat of fusion caused by the superheat flux

[109]:

∆Hf =
q”

ρsv
(5.19)

Next is:

• Updating the old latent heat of fusion, Hf , due to superheat flux [109]:

Hf,new =Hf +∆Hf (5.20)

where Hf,new is the new updated latent heat of fusion.

• Calculating the enthalpy change with temperature using [109]:

(
dH

dT
)t+∆t =Cp(T ) +Hf,new

dfL(T )

dT
(5.21)

where Cp(T ) is the temperature-dependent specific heat capacity, and fL(T ) is the

temperature-dependent liquid phase fraction which is defined as [109]:

fL(T ) =
T − Tsol

Tliq − Tsol
(5.22)

• Updating the specific enthalpy at the end of the time step [109]:

Ht+∆t =Ht + (
dH

dT
)t+∆t∆T (5.23)

5.2.2.1 Latent Heat of Fusion Calculation

For the case there is superheat flux, latent heat of fusion, which is the heat released in the mushy zone

(mixture of liquid and δ-ferrite), is calculated based on the following equation:

Hf =HL(Tliq)−Hδ(Tsol)−
∫ Tliq

Tsol

Cp(T ) dT (5.24)
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It is important to note that Cp(T ) is calculated using Equation 5.2 through 5.5 by derivation of the

enthalpy with respect to temperature.

5.2.2.2 Superheat Flux Calculation

The superheat flux can be calculated based on either a low-velocity jet of the flow or the high-velocity

jet of the flow (caused by jet impingement). For the case of high-velocity jet, superheat flux is obtained

using CFD simulation and is given as an input to the model. For the case of the a low-velocity jet of the

flow, superheat flux can be calculated as a close form solution. To obtain the equation of superheat flux for

this case, it is important to calculate first the temperature distribution inside the a low-velocity jet of the

flow in the molten steel.

For a classical 1-D solid-controlled solidification the analytical temperature field as a function of

distance and time is expressed as [112]:

T (x, t) =C1 + C2erf(
x

2
√
αst

) (5.25)

Imposing the boundary conditions of T = Tsurf at x = 0 and T = Tliq at x = δ(t) = 2ϕ
√
αst [112]:

T (x, t)− Tsurf

Tliq − Tsurf
=

erf( x
2
√
αst

)

erf(ϕ)
(5.26)

Finally, the temperature in the liquid (T > Tliq) is obtained then as [112]:

T (x, t) =
1

erf(ϕ
√

αs

αl
)− 1

[Tiniterf(ϕ

√
αs

αl
)− Tref + (Tref − Tinit)erf(

x

2
√
αst

)] (5.27)

where Tinit and Tref are the initial temperature and the temperature at 90 percent of liquid phase fraction,

respectively, in K, and αl is liquid heat diffusivity in [m
2

s ]. Finally, by derivation with respect to distance

the superheat flux is calculated as [112]:

q”(x, t) = −
(Tref − Tinit)

√
kLαLcpl exp(−ϕ2

√
αs

αl
)

(erf(ϕ
√

αs

αl
)− 1)(

√
πt)

(5.28)

where kL is thermal conductivity of the liquid in [ J
sm2k ] and cpl is liquid specific heat capacity in [ J

kgK ].

5.2.3 Fluid Flow Model

A three-dimensional (3D) turbulent finite-volume CFD and thermal model with an Eulerian frame of

reference domain is used to determine the velocity and temperature field as well as superheat flux variation

through casting direction for a bifurcated nozzle with the left port clogged and the right one non-clogged
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[113]. The domain consists of the SEN nozzle interiors, ports, and the mold. The momentum and

continuity equations governing the turbulent flow were solved with a Reynolds-Averaged Navier-Stokes

(RANS) standard k − ϵ model for a coupled turbulent thermal fluid flow. The continuity equation for mass

conservation is:

∂

∂xi
(ρui) = 0 (5.29)

where ρ is fluid density [ kgm3 ] and ui is velocity in the 3 coordinate directions [ms ]. The Navier-Stokes

equation for momentum conservation is:

∂

∂t
(ρui) +

∂

∂xj
(ρuiuj) = −∂p∗

∂xi
+

∂

∂xj
[(µ+ µt)(

∂ui

∂xj
+

∂uj

∂xi
)] (5.30)

where p∗ is modified pressure (p∗ = p+ 2
3ρkr) [Pa], p is gauge static pressure [Pa], kr is an unknown

residual kinetic energy, µ is dynamic viscosity of the fluid [Pa.s], and µt is turbulent viscosity [Pa.s] . The

details on the calculations of turbulent viscosity, turbulent kinetic energy (k), turbulent dissipation rate (ϵ)

and the boundary condition assignments are explained elsewhere [113]. The initial condition, element type

and size, solver, and convergence criteria are similar to those used in previous work [113].

5.2.3.1 Velocity and Temperature Contours

The velocity and the temperature contours as the result of coupled turbulent thermal fluid flow is

shown in Figure 5.6.

Figure 5.6 CFD simulation results, contours of a) velocity and b) temperature [113].
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5.2.3.2 Mold Interface and Superheat Flux

The prescribed mold heat flux along with the superheat flux is shown in Figure 5.7.

Figure 5.7 Prescribed a) interface heat flux and b) superheat flux for case study [113].

It is important to note that the results for temperature and stress distributions are studied for 3

different times (before, during, and after jet max. impact).

5.2.4 Phase Fraction

In the model the phase fraction is the function of temperature and the composition of steel. The

specifics and details of how the phase fractions for a binary or three-phase region is calculated is discussed

elsewhere [108]. For a low carbon grade (0.045 percent carbon) steel, the phase evolution with temperature

is plotted in Figure 5.8.

Figure 5.8 Variation of the phase fraction with temperature for low carbon (0.045 pct) steel.
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5.2.5 Stress Model

Since it is reasonable to account for a small strain through the initial solidification, the mechanical

governing equation of the solidifying strand can be expressed as [108]:

∇.σ + b =0 (5.31)

where σ is the second-order Causchy stress tensor, and b is the applied volumetric body force. It is

important to note that for the current model the applied force is assumed to be zero. Also, the total strain

rate, ϵ̇, in the model includes thermal, ϵ̇th, inelastic, ϵ̇ie, and elastic, ϵ̇el, all in [ 1s ], components such that

[108]:

ϵ̇ = ϵ̇th + ϵ̇ie + ϵ̇el (5.32)

5.2.5.1 Young’s Modulus

For steel, Young’s modulus is a temperature-dependent property. Figure 5.9 shows the relationship

between Young’s modulus used in the model and the temperature variation, which is independent of

carbon contents in the steel [108].

Figure 5.9 Variation of Young’s modulus with temperature for steel.

5.2.5.2 Constitutive Equations

The stress and strain are related through the unified constitutive equation. In this model a visco-plastic

constitutive model is used, which includes both strain-rate-independent plasticity as well as
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time-dependent creep [108]. It is worth mentioning that at high temperatures creep and inelastic strains

can not be distinguished from one another [103]. The current model assumes an isotropic behavior for all

the phases of the solidifying shell. As for the molten steel a very small and non-zero yield strength of 10

kPa is assumed. Although assuming a non-zero strength for the liquid phase might cause a small error to

the model but it is necessary to avoid numerical singularity in the model [108]. For the δ-ferrite, Zhu

modified power law [108] is used:

ϵ̇ie−δ =0.1Fδ|Fδ|n−1
(5.33)

where

Fδ =
Cσ̄

fC(
T
300 )

−5.52(1 + 1000|ϵie−δ|)m
(5.34)

in which

fC =1.3678× 104(pctC)−5.56×10−2

(5.35)

m = −9.4156× 10−5T + 0.349501 (5.36)

n = (1.617× 10−4T − 0.06166)−1 (5.37)

where C can take either 1 or -1 [108]. As an example, stress-inelastic strain relation is plotted for different

temperature and ϵ̇ie = 10−4 1
s and low carbon content and is shown in Figure 5.10.

Figure 5.10 Stress-inelastic strain relation with temperature for low carbon content (0.045 pct) steel.
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For the γ-austenite Kozlowski’s III model is used [108]:

ϵ̇ie−γ = fpctC |Fγ |f3−1
Fγ exp(

−4.465× 104

T
) (5.38)

where

Fγ =Cσ̄ − f1ϵ̄ie|ϵ̄ie|f2−1
(5.39)

f1 =130.5− 5.128× 10−3T (5.40)

f2 = − 0.6289 + 1.114× 10−3T (5.41)

f3 =8.132− 1.54× 10−3T (5.42)

fpctC =4.655× 104 + 7.14× 104(pctC) + 1.2× 105(pctC)2 (5.43)

Further details about the above equations are discussed elsewhere [114, 115]. In addition, for the

regions with the mixture of δ-ferrite and γ-austenite, the rule of mixture cannot be applied. Instead,

δ-ferrite mechanical properties are used anywhere the fraction of δ-ferrite is greater than 10 percent [108].

5.2.6 Solution Procedure

The governing equations of the one-way coupled thermo-mechanical analysis is solved through finite

element method [116] using ABAQUS/Standard (implicit) [110]. First, the transient model resolves the

temperature field in the whole domain and then with the obtained information of this step, the stress is

solved in the second step which seems correct for the case of heat transfer, since the assumption in the

model is the uniform heat transfer with ideal mold contact condition [108, 111]. The time of the analysis

could be specified in the model. The transient heat conduction equation is solved using the implicit Euler

method, and is followed by Newton’s method to solve incrementally a time dependent stress field. Further

details of the model is discussed elsewhere [108, 110, 114]. DC2D4 4-node linear diffusive heat transfer

quadrilateral elements were used for the thermal analysis and CPEG4H 4-node hybrid bi-linear elements

were used for a coupled temperature-displacement generalized plane strain analysis [108].
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5.3 Model Verification and Validation

In order to verify and validate the model, the temperature and normal to solidification direction (hoop)

stress distribution as well as shell thickness through distance below meniscus is compared with analytical

solutions and shell growth measurements. The information on material properties for verification and

validation cases are given in Table 5.1.

Table 5.1 Simulation conditions and material properties for the verification and validation cases

Condition/Material Properties Weiner and Boley [117] Case 1 Case 2 Case 3

Conductivity [ J
sm2K ] 33 35 26 Varying

Density [ kgm3 ] 7500 7860 7000 Varying
Young’s Modulus [MPa] 4000 (solid) and 1400 (liquid) - Varying Varying
Poisson’s Ratio 0.3-0.5 - 0.3-0.5 0.3-0.5
Thermal Expansion [1s ] 2×10−5 - Varying Varying
Pour Temperature [K] 1769 1735 1775.24 1806
Fixed Wall Temperature [K] 1273 1473 1473 1473
Liquidus Temperature [K] 1768.1 1685.8 1775.2 1801
Solidus Temperature [K] 1767.9 1684.8 1750 1778
Latent Heat [kJkg ] 272 247 243 Varying

Specific Heat Capacity [ J
kgK ] 661 620 680 Varying

Carbon Content [wt pct] - - 0.3 0.045
Casting Speed [ m

min ] - - 1.35 2
Simulation time [s] 30 40 47.2 30

5.3.1 Weiner and Boley Verification Case

An analytical solution obtained from the work done by Weiner and Boley [117] is used to verify the

model. The problem consists of a transient 2-D (Pseudo 1-D) thermo-mechanical analysis of a semi-infinite

plate solidification for 30 seconds with a fixed-temperature boundary condition of an

elastic-perfectly-plastic material which is initially in liquid phase. The plate is constrained against bending

but otherwise free to shrink. The parameters used in this study are listed in Table 5.1.

A thin slice of 400 elements (40 mm×0.1 mm) through the thickness is used for the study along with

thermal and stress BC’s shown in Figure 5.11.

It is important to note that there are 3 isolated surfaces and only one surface with a constant

temperature of cooling. As for the Mechanical BC’s, by imposing generalized plane strain for the plane of

the domain (x− y plane and about z axis), bending is restricted through forcing all nodes in bottom

surface of the slice to move together in y − y direction. Additionally, Perpendicular to x− y plane, all

planer sections must remain planer (generalized plane strain about both x and y) [108].
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Figure 5.11 Verification domain with thermal and mechanical BC’s [118].

The temperature and hoop stress results of the model for different temperature is plotted and compared

with the analytical solution shown in Figure 5.12.

Figure 5.12 Verification of the model with analytical solution at different times of solidification for (a)
Temperature (b) Hoop Stress.

For the temperature results, illustrated in Figure 5.12(a), at earlier times, solidified region is small and

later due to solidification of domain, this region gets larger. There is a very good match between the exact

solution and the simulation results. Similar to temperature results, the exact solution and the simulation

results of the hoop stress are in complete agreement (shown in Figure 5.12(b)). The trend in stress with

respect to distance is very similar to what was expected: a compression region, followed by a tension

region, and finally leading to a decreasing trend in liquid region. The length of compression region
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increases as time goes by since the solidified regions gets larger [108].

5.3.2 Verification Case 1

This case is a transient 1-D thermal analysis of solidifying shell inside the mold for a 40-second dwell

time. It is also, the verification of the model with the enhanced latent heat method and comparing it with

a numerical analysis of a solidifying semi-infinite slab, an analytical solution, and the standard heat

transfer analysis in ABAQUS. The mechanical BC’s are exactly the same as Weiner and Boley verification

case, and the only difference is in thermal BC’s in which the quench temperature here is 1200 oC. The

meshed domain along with the element used for the analysis is shown in Figure 5.13.

Figure 5.13 Verification case 1 meshed domain.

The superheat flux variation with time is obtained using Equation 5.28 for a low-velocity jet of the

liquid flow, and the simulation conditions and material properties for this specific verification case are

summarized in Table 5.1. It is shown in Figure 5.14 that the temperature distribution is plotted for 5

different cases: 1) Analytical temperature solution with superheat temperature (solid line), 2) Analytical

solution with no superheat (dotted line), 3) Square symbols representing the standard ABAQUS solution

(Tinit = 1462oC), 4) Diamond symbols representing ELH method using ABAQUS

(Tinit = Tliq = 1412.79oC), and 5) Circle symbols representing the standard ABAQUS solution with no

superheat (Tinit = Tliq = 1412.79oC).

It is clear that methods with superheat are almost identical in the solid, indicating ELH method

accurately represents superheat effects in solid and mushy zones. Above the melting temperature, ELH

method expectedly deviates, since Tinit = Tliq, (adding superheat to latent heat only).
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Figure 5.14 Temperature distribution comparison for verification case 1.

5.3.3 Verification Case 2

Verification case 2 is a transient 2-D (Pseudo 1-D) thermo-mechanical analysis of solidifying shell inside

the mold (far from corners) for a 47.2-second dwell time with time-varying instantaneous heat flux and

superheat flux (jet impingement case), as well as temperature-dependent, mechanical and thermal

properties, phase fraction, and Young’s modulus. The simulation domain along with the element type is

shown in Figure 5.15.

Figure 5.15 Verification case 2 meshed domain.

The mechanical BC’s are exactly the same as Weiner and Boley verification case and the only difference

is in thermal BC’s in which the quench surface is substituted with varying mold heat flux. Also, it is

important to note that the superheat flux is obtained from CFD simulation [109]. The prescribed mold

heat flux along with the superheat flux [109] is shown in Figure 5.16.
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Figure 5.16 Verification case 2 prescribed mold heat flux and superheat flux variation with distance below
meniscus.

Shell thickness comparison obtained from the model is compared with CON1D [119] results,

experimental data [109], and the case using no superheat flux (but with superheat temperature) and shown

in Figure 5.17.

Figure 5.17 Shell thickness comparison for verification case 2.

It shows CON1D and ELH methods match and are able to capture localized shell thinning effect caused

at the maximum value in superheat flux where jet hits the shell. Because breakout shell has a transient

nature, there is a small displacement with the plant measurements. When ELH method is compared with

the case with zero superheat, one can see a huge difference in shell thickness behavior. Having observed it,

it seems very important to account for the effect of superheat while modeling the thermo-mechanical

behavior of the process. Also to show the effect of superheat on the temperature and stress distribution, a
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comparison is shown in Figure 5.18 for the case with and without superheat.

Figure 5.18 Temperature and hoop stress distribution comparison for verification case 2.

It is clear from the figure that at any specific time and location from chilled surface, due to superheat

effect, ELH method temperature distribution expectedly is higher than no superheat case. Additionally,

the stress distribution shows less compression near chilled surface, less tension at solidification front, and

smaller solidifying length when superheat method is applied.

5.3.4 Validation Case 3

Validation case 3 is a transient 2-D (Pseudo 1-D) thermo-mechanical analysis of solidifying shell inside

the mold of a low carbon steel grade (0.045 pct) for a 30-second dwell time (far from corners) with

time-varying instantaneous heat flux and superheat flux (for a low-velocity jet case), along with the

temperature-dependent, mechanical and thermal properties, phase fraction, specific heat, thermal

conductivity, density, thermal linear expansion, and Young’s modulus. The simulation domain with the

element type is shown in Figure 5.19.

Figure 5.19 Validation case 3 meshed domain.
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The mechanical BC’s are exactly the same as Weiner and Boley verification case and the only difference

is in thermal BC’s in which the quench surface is substituted with varying mold heat flux [108]. Also, it is

important to note that the superheat flux is obtained from Equation 5.28 for a low-velocity jet of the flow.

The prescribed mold heat flux along with the superheat flux is shown in Figure 5.20.

Figure 5.20 Validation case 3 prescribed heat flux [108] and superheat flux variation with distance below
meniscus.

The temperature and stress distributions results at 3 different dwell times for ELH model and the

standard ABAQUS with superheat temperature are plotted and compared in Figure 5.21 and Figure 5.22.

Figure 5.21 Validation case 3 temperature distribution comparison.
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As shown in Figure 5.21 and Figure 5.22, ELH method and the standard ABAQUS with superheat

temperature at different dwell times inside the mold match well with one another for temperature and stress

distribution. For the temperature distribution, there is a slight mismatch (which was expected) mostly in

liquid region, owing to the fact that for the original ABAQUS with superheat temperature the initial

(pour) temperature is 5 K higher than the ELH method which only works with liquidus temperature.

Figure 5.22 Validation case 3 hoop stress distribution comparison.

5.4 Case Study Investigating the Effect of Jet Impingement on Thermo-mechanical
Behavior of the Shell

After the model is validated with the experimental data and verified with CON1D and FEA

simulations, it is used to study the effect of a high-velocity jet (jet impingement) caused by the asymmetric

clogging of the ports on the thermo-mechanical behavior of solidifying shell. To achieve that, a transient

2-D (Pseudo 1-D) thermo-mechanical analysis of solidifying shell inside the mold (far from corners) for an

ultra low carbon steel grade (0.003 pct) is conducted for 35.7-second dwell time, with time-varying

instantaneous heat flux and superheat flux (jet impingement case 2), as well as temperature-dependent,

mechanical and thermal properties, phase fraction, and Young’s modulus. The material properties for the

case is summarized in Table 5.2.

Please note that since many mechanical and thermal properties of the domain vary with temperature,

they are not addressed in Table 5.2. The simulation domain, the element type, and mechanical and

thermal BC’s are exactly the same as the validation case 3. Also, the superheat flux is obtained from CFD

simulation for a high-velocity jet of the turbulent flow (shown in Figure 5.7).
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Table 5.2 Conditions and material properties for the verification and validation cases

Condition/Material Properties Case study

Poisson’s Ratio 0.3-0.5
Pour Temperature [K] 1829
Fixed Wall Temperature [K] 1473
Liquidus Temperature [K] 1805
Solidus Temperature [K] 1794
Casting Speed [ m

min ] 1.51
Carbon Content [wt %] 0.003

Figure 5.23 shows the comparison of shell thickness prediction by CON1D [113], ELH method, and

standard ABAQUS with no superheat for clogged and non-clogged ports. Shell thickness predictions of

CON1D [113] with ELH method roughly match with maximum error of 1.1 mm. It seems that shell

thinning effect is more evident in ELH method. Also, thickness of shell depends on 1) superheat flux and

2) interface (mold) heat flux. Furthermore, the shell on the clogged port side is thinner due to the less

interface heat flux and in spite of less superheat flux and on the non-clogged side is thicker because of the

shallower meniscus hooks and in spite of higher jet impingement. Finally, in cases of zero superheat, shell

is thicker for both clogged and non-clogged ports comparing with CON1D and ELH.

Figure 5.23 Comparison of shell thickness prediction of CON1D [113] with ELH method for the case study.
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Next, temperature distribution at different times (before, during and after maximum jet impact) is

shown in Figure 5.24.

Figure 5.24 Temperature distributions at different times (before, during and after maximum jet impact).

It can be seen that before jet hits almost identical temperature distribution and solidifying front in

both clogged and non-clogged sides are observed. During maximum impact, however, larger temperature

differences and smaller solidifying front length is observed between in cases with superheat comparing to

the one without superheat. Also, surface temperature is intermediate between before and after jet hits, so

jet has little effect on surface temperature. Finally, after jet hits with no superheat, the shell is even

thicker and the temperature is lower.
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Furthermore, Hoop stress distribution at different times (before, during and after maximum jet impact)

is shown in Figure 5.25. It can be seen that before (above where) jet hits almost identical stress

distribution in both clogged and non-clogged sides is observed. Also, during maximum impact more surface

compression is seen with non-clogged side and internal tension peak extends deeper for non-clogged side.

Finally, after (below where) jet hits the trends simply continue, with more stress developed in the

non-clogged side, owing to the colder shell.

Figure 5.25 Hoop stress distributions at different times (before, during and after maximum jet impact).

Now, in order to fully understand the effect of interface heat flux and superheat flux on hoop stress

contour as well as other surface strain components, it seems to be very appropriate to consider 4 possible

cases and compare their results with one another. The four cases are shown in Table 5.3 below.

Table 5.3 Four possible cases to study the combined effect of mold and superheat flux

Case number Description

1 Clogged port superheat with clogged port mold heat flux
2 Non-clogged port superheat with Non-clogged port mold heat flux
3 Clogged port superheat with Non-clogged port mold heat flux
4 Non-clogged port superheat with clogged port mold heat flux
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the hoop stress contours of the solidifying shell for the mentioned four cases is plotted in Figure 5.26.

Stress contour shows compression at surface, increasing to tension near the solidification front, and down to

zero in the liquid. Also, subsurface tension region (associated with δ ferrite-γ austenite transformation) is

larger in cases 2 and 3 comparing with cases 1 and 4, owing to their lower temperature (due to the higher

interface heat flux). It is also evident that increasing mold heat flux increases shell thickness, however, mold

heat flux increases shell thickness, which shows the effect of mold heat flux is larger than superheat flux.

Figure 5.26 Hoop stress contours of the solidifying shell for different cases.

Next, the surface profile of hoop stress and inelastic strain through time below meniscus is plotted

in Figure 5.27. It is concluded from the figure that the rapid surface cooling leads to shrinkage, and high

initial inelastic strain in weak δ-ferrite phase [108]. This happens earlier in case 2 and 3 (higher interface
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heat flux) comparing with case 1 and 4 (lower interface heat flux), owing to their faster cooling. This

causes tensile–stress peaks to arise at surface just below meniscus at t = 2.85s for cases 2 and 3, and

t = 6.9s and t = 7.2s for cases 1 and 4. Furthermore, due to the slower shell growth, the inelastic strain

jumps and the tensile peaks are delayed in the shell for cases 1 and 4. Finally, peaks are higher and occur

sooner for cases 2 and 3. Again, it is observed that changing superheat flux has little effect comparing with

the mold heat flux.

Figure 5.27 Surface profile of hoop stress and inelastic strain through time below meniscus.

Finally, Figure 5.28 shows the surface inelastic and thermal strain variation of four cases with respect to

the time below meniscus. Similar to previous results, increasing the mold heat flux (i.e. cases 2 and 3)

causes earlier surface elastic strain peaks and higher (in magnitude) surface thermal strain comparing to

cases with lower mold heat flux. Changing superheat flux has little effect on both strains.
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Figure 5.28 Surface profile of elastic and thermal strain through time below meniscus.

5.5 Conclusion

A new thermo-mechanical model equipped with Enhanced Latent Heat of fusion (ELH) method is

introduced to include the effect of superheat on temperature, shell thickness, stress, and strain distribution

in the solidifying shell. The material dependent thermal and mechanical properties added to the method to

enhance the capability to investigate effect of fluid flow on solidification. It is observed that ELH results

are able to match very well with existing model and plant measurements. Jet impingement of the

high-velocity superheat flux on temperature, stress, and strain is less important than the effect of interface

heat transfer. Net effect is a thinner shell for cases with lower mold heat flux, which causes higher

temperature and smaller compression near chilled surface and smaller tension near solidifying front.

Finally, for cases with higher superheat flux, colder shell causes faster-starting elastic and inelastic strain

peaks, higher-magnitude stresses, and a surface tension peak.
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CHAPTER 6

SUMMARY AND FUTURE WORK

The current thesis develops three computational multi-physics models that predict the effect of different

casting conditions on pressure distribution, flow rate in the slide-gate and/or stopper-rod flow delivery

systems, and thermo-mechanical behavior of solidifying shell while subjecting to low and/or high-velocity

jet of molten steel in the mold, all in continuous casting of steel.

For the fluid flow section of the project, the current work implements Bernoulli’s principle to develop

two one-dimensional pressure energy models to predict pressure distribution and flow rate in slide-gate,

PFSG, and stopper-rod, PFSR, controlled metal delivery systems. The models are standalone,

user-friendly MATLAB-based graphical user interface programs capable of inverse solutions that enable

users to conduct parametric studies in seconds. Although they are simple 1-D models, they include the

effect of two-phase flow (argon gas-molten steel), mixture density, clogging at different places, and complex

turbulent pressure loss terms. Both models were verified and validated against the CFD simulations and

experimental data, respectively, with the maximum error of 6-8 pct. There were also, quite number of

parametric studies on the effect of different casting conditions on pressure distribution (especially minimum

pressure in the system) and flow rate in the system. Several interesting finds are observed: 1) increasing

the pressure head height, governed by the distance between the liquid levels in the tundish and mold,

increases the system flow rate, 2) increasing SEN length, and decreasing nozzle submergence depth, for a

given slide-gate or stopper-rod opening can lead to a flow rate increase 3) increasing argon gas injection

requires increasing the slide-gate or stopper-rod opening to maintain the flow rate.

More specifically for PFSG, it is concluded that increasing SEN diameter requires decreasing the

slide-gate opening (and opening fraction) to maintain flow rate. Additionally, increasing argon injection

causes increasing gate opening, which lowers the minimum pressure and aggravates the air aspiration

problem. The minimum pressure tends to decrease (gets worse) with increasing tundish level height, and

increasing nozzle bore diameter. Finally, it was concluded that to avoid near-vacuum minimum pressure in

the system it is better to operate in either small slide-gate openings or near 100 pct openings.

For stopper-rod model, two new physical phenomena, cavitation and non-primed flow near the gap

region, are also introduced to enhance the capability of the model to correctly predict the real physics

occurring in the plant and is proven to match very well with the real plant experiments. This reveals new

insights into the pressure / flow behavior in these casters.

108



As for the thermo-mechanical part of the thesis, a new model is introduced, developed, verified with

CON1D and existing FEA simulations, and validated with experimental data. The model can successfully

predict the effect of superheat flux, which is a heat flux delivered to the solidification front from the molten

steel, on thermo-mechanical behavior of solidifying shell inside the continuous casting of steel mold. The

model is able to predict shell thickness, temperature, hoop stress, and strain (including elastic, inelastic,

thermal, and fluid components) distribution for a thin domain with temperature and composition varying

thermo-mechanical properties. The model can also efficiently operate for both low and high-velocity jet of

the molten steel flow. It is shown that the effect of hot mold heat flux is larger than a turbulent

(high-velocity jet) superheat flux. Hence, mold heat flux dictates the shell thickness, temperature, surface

hoop stress, and surface strain components distribution.

As for further applications of this work, the following is suggested:

• As shown for the PFSR (Chapter 4), there are still some degrees of freedom that prevent from

yielding to one single solution when considering both cavitation and non-primed flow methodology.

There needs to be more work on this to possibly include new physics/equations. Additionally, it

seems there should be more parametric studies to understand the effect of asymmetric clogging and

argon gas injection on flow rate and pressure distributions by improving both PFSG and PFSR.

• Clogging index needs to be developed properly in both PFSG and PFSR. There needs to be a

formulation using which the clogging is estimated and output, based on the difference between the

predicted flow-rate / opening relationship (with the clogging) relative to the non-clogged case (which

should match plant measurements at beginning of the casting when there is no clogging).

• The different gas flow rates together in the min gap region must be also added to determine the

actual cavitation pressure (i.e. sum of the partial pressure of CO, N, H).

• Argon gas injection capability must be incorporated into PFSR to be added with cavitation gas flow

rate in the min pressure region.

• Also, it is important to consider different mold heat flux and/or superheat flux distributions and

their effect on thermo-mechanical behavior of the solidifying shell inside the mold.

• Finally, to develop a comprehensive fluid flow-thermal stress model, it is crucial to run PFSR and/or

PFSG with clogging inclusion along with CFD simulations and the stress model to investigate other

flow-related issues on the thermal-stress behavior of the solidifying shell inside the mold.
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APPENDIX A

WALL FRICTION CALCULATION FOR TAPERED PIPE

Wall friction equation for a pipe with constant diameter (i.e. no tapered), discussed in fluid mechanics

reference book [41], is defined as:

h =
1

2
f
L

D

V 2

g
(A.1)

where h is pressure head loss due to wall friction [m], f friction factor, L pipe length [m], D pipe diameter

[m], V fluid velocity [ms ], and g Earth’s gravitation acceleration [ms2 ].

Now, consider a tapered pipe as shown in Figure A.1.

Figure A.1 Schematic of tapered length of nozzle (pipe).

For a very small portion of pipe with the length of dx, it is true to say:

dh =
1

2
f
dx

D

V 2

g
(A.2)

Consider the continuity equation:

V =
V1D1

2

D2
(A.3)
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where V1 and D1 are velocity and diameter of the entry section (1) [ms ] and [m], respectively.

Also from Figure A.1:

x =
D1 −D

2 tan(θ)
(A.4)

where θ is the taper angle [rad].

Therefore:

dx =
−dD

2 tan(θ)
(A.5)

Substituting Equation A.3 and Equation A.5 into Equation A.2 gives:

dh =
1

2

f

g

V1
2D1

4

D5

−dD

2 tan(θ)
(A.6)

Integrating Equation A.6 over the whole domain (from D1 to D2) and simplifying gives:

h =
1

16

f

g

V1
2

D2
4

(D1
4 −D2

4)

tan(θ)
(A.7)

Insert into Figure A.1:

tan(θ) =
D1 −D2

2L
(A.8)

Finally, substituting Equation A.8 into Equation A.7 gives the pressure loss in a tapered pipe due to

wall friction:

h =
1

8
f
L

g

V1
2

D2
4 (D1 +D2)(D1

2 +D2
2) (A.9)
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APPENDIX B

COPYRIGHT PERMISSIONS

The article entitled: Pressure Distribution and Flow Rate Behavior in Continuous-Casting Slide-Gate

Systems: PFSG [59] is reprinted with modifications in the Chapter 3 of the current thesis. Figure B.1

shows the permission obtained from the journal’s web site.

Figure B.1 Permission obtained for PFSG paper.

Furthermore, written permissions are obtained from the co-authors to include this paper in the current

work (S1.PDF in the Supplementary documents).
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